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ABSTRACT

The Fukushima Daiichi nuclear plant accident in 2011 triggered worldwide research and development initiatives to advance Light Water Reactor (LWR) fuel materials with excellent tolerance to high-temperature oxidation and deformation. Accident Tolerant Fuel (ATF) design concepts are expected to improve safety margin and extend coping time during severe accident progression, owing to their enhanced mechanical strength, oxidation, and degradation resistance. These concepts require a series of assessments to be licensed by the United States (US) Nuclear Regulatory Commission (NRC). In addition to enhanced safety from ATF materials, supported by the NRC, the US nuclear industry is seeking opportunities to increase economic competitiveness by extending the fuel burnup limit. Higher burnup is under-explored and requires high-fidelity assessments to build a robust technical basis for licensing. This dissertation leverages state-of-the-art experimental and computational methods to analyze the safety performance of the iron-chromium-aluminum (FeCrAl) cladding and higher burnup fuel during design basis accidents (DBAs). This dissertation aims to increase the knowledge base of considered advanced LWR fuel materials during transient scenarios to improve safety and competitiveness of LWRs. 

Evaluation results highlight the pertinence of separate-effects tests for ATF safety assessments and the development of material models in advanced modeling tools. This dissertation presents and validates a novel correlation that improves the prediction of transient critical heat flux (CHF) and post-CHF thermal-hydraulics response in systems codes like RELAP5-3D. This dissertation validates BISON’s capabilities for modeling complex pellet-cladding mechanical interaction (PCMI) against high-fidelity strain data from the modified burst test (MBT) facility. Experimental comparisons of FeCrAl and Zircaloy cladding highlighted ATF candidate’s superior accident tolerance under high temperature dryout conditions simulating boiling water reactor (BWR) anticipated transient without SCRAM. A subsequent BISON analysis verified cladding mechanical responses and provided the reasoning behind this observation. A thermal-hydraulics loss-of-coolant accident (LOCA) analysis is conducted to provide realistic boundary conditions for high burnup fuel performance analysis investigating uranium dioxide (UO2) fragmentation and high burnup fuel integrity.
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Introduction
[bookmark: _Toc118319749]Advanced Light Water Reactor Fuels
A harsh and challenging operational environment is inevitable for materials in nuclear systems due to the high temperature, stress, and radiation damage [1]. Light water reactor (LWR) materials from the 1970s have tolerated challenging environments and produced reliable and sustainable large-scale, low-cost electricity for more than a half-century [2]. Since then, advanced materials have been commercially developed with superior mechanical characteristics like heat transfer, mechanical strength, and resistance to creep and corrosion compared to materials available a half-century ago. However, current LWR materials technology has not yet adopted these advanced materials due to LWRs’ long history of reliable operation. Still, a few nuclear power plant accidents have triggered public concern about nuclear power generation. In particular, the 2011 Fukushima Daiichi Accident in Japan significantly impacted public acceptance of nuclear power [3]. In the Fukushima Daiichi Accident, hydrogen explosions induced the leakage of radioactive materials by impairing the containment buildings [4, 5]. The generation of explosive hydrogen gas is caused by the rapid oxidation reaction of Zr alloy used as fuel assembly components.

Since the Fukushima accident, a global effort has been initiated to research and develop nuclear fuel with excellent tolerance to high-temperature oxidation and deformation, defined as Accident Tolerant Fuel (ATF). The ATF technologies include fuel, fuel rod cladding, and non-fuel structural component material concepts, which have the potential to improve safety response to accidents and maintain ideal normal operational characteristics. Design concepts require a series of assessments and evaluations for licensing by the United States (US) Nuclear Regulatory Commission (NRC) before full implementation to ensure their satisfactory performance and impact on reactor operation, safety performance, and economics. In the US, NRC is preparing to license of following candidate ATF concepts, including doped uranium dioxide (UO2), uranium nitride (UN) pellets, coated Zr alloy, iron-chromium-aluminum-based (FeCrAl), SiC claddings, and metallic fuels [6]. In addition to these ATF concepts, cohesive licensing preparation is ongoing for increased burnup limit and enrichments. Increasing the burnup limit beyond the current regulatory limit is expected to produce longer reactor cycles and reduce the number of fresh fuel assemblies, thereby enhancing the economic competitiveness of nuclear power generation [7]. Implementing advanced LWR fuels supported by ATF technologies and higher burnup will enhance the safety and economic competitiveness of nuclear power generation from LWR fleets.

The main objective of this dissertation is to evaluate FeCrAl cladding and high burnup fuel using experimental and computational methods to evaluate their thermal-hydraulics and thermomechanical safety performance under design basis accidents (DBAs). Separate-effects tests are conducted to observe the physical response to simulated accident progression and to support the verification and validation of novel computational models. Experimental data and correlations are supplemented to enhance the accuracy of advanced modeling tools. 
[bookmark: _Toc118319750]Separate-effect Tests and Computer Modeling for Safety Analysis
The nuclear fuel safety analysis requires a comprehensive but precise assessment of complex problems related to normal operation and accident scenarios. The experimental demonstration of accident scenarios at a system level scale is expensive and entails a lengthy timeline. Integral effect tests intend to simulate complex system behavior with consideration of the combined effects of multiple physical processes. Due to their difficult and costly nature, integral tests are limited to specific conditions and produce complex information [8, 9]. Complexity reduction can be achieved by scaling the experiment to investigate a single process [10]. Separate-effect tests are experiments designed to investigate a single process or physical phenomena without in the absence of other processes, which allow measurement of the effects of interest. It provides simplified fundamental information and mechanistic response, which data is often used to develop models or correlations. 

With the introduction of novel advanced fuel materials, experimental assessment of the full sweep of normal operating conditions and accident scenarios for various materials cannot be achieved in a timely manner. Overcoming this constraint was done by leveraging computational modeling tools since the 1970s [8]. Computational modeling is essential in the expedited and cost-effective evaluation of advanced fuel materials. However, computational modeling tools require careful verification and validation (V&V) for accurate modeling of physical processes following the hierarchy of experiments shown in Figure 1 [8]. Accumulating and validating separate-effects test data in modeling tools are preparatory steps toward informing integral tests. Hence, experiments and computer modeling tools have a complementary relationship. These tools are essential for expediting the process of building the technical basis for advanced fuel materials.
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[bookmark: _Ref115411543][bookmark: _Toc118319840]Figure 1. Hierarchy of experiments for code validation [8].


[bookmark: _Toc118319751]Goals and Hypotheses
[bookmark: _Toc289175825]The overarching objective is to assess novel advanced LWR fuel concepts and computational modeling capabilities to improve nuclear power safety and economic competitiveness. Distinct studies evaluated the cladding behavior and performance of FeCrAl alloy under the LWR DBAs in support of the overarching objective. Additionally, parts of this dissertation are dedicated to verifying and validating the novel mechanistic models from experiments and advanced modeling tools, which also support the dissertation objective. These studies were designed to bridge the gaps between experiments and computational simulations in transient scenarios.

FeCrAl cladding is a near-term ATF cladding concept owing to its excellent high-temperature oxidation resistance compared to Zircaloy cladding [11-13]. FeCrAl cladding also exhibits enhanced heat transfer and mechanical strengths. My previous study highlighted FeCrAl cladding’s enhanced thermal-hydraulics performance during normal operation due to enhance thermal properties and surface characteristics promoting heat transfer and critical heat flux (CHF) [14, 15]. However, further understanding of the mechanistic response to rapid heating from pulsed power injection like RIA is needed as it is directly related to the reactor safety margin. The flow boiling CHF study aims to understand the implications of rapid heating on CHF and post-CHF cladding temperature response. In addition, this study intends to provide a systematic method to accurately capture the rapid heating effect on CHF predictions in nuclear systems code, which still uses steady-state CHF models due to the lack of a satisfactory transient CHF model.

Material characterization studies showed promising characteristics of FeCrAl alloy for the LWR applications. A logical next step toward FeCrAl cladding research and development is to test its safety performance during accident scenarios. For its implementation, FeCrAl cladding needs to prove its adequate mechanical responses to potential accident scenarios. In particular, thermal expansion of nuclear fuel pellets during RIA causes pellet-cladding mechanical interaction, which is a potential failure mechanism. It exerts a complex biaxial stress concentration on the cladding material. The FeCrAl PCMI study evaluates complex cladding deformation and failure behaviors to transient biaxial loadings relevant to RIA power pulses. This experimental data is leveraged to validate an advanced modeling tool. BISON fuel performance analysis code is recently developed and is not yet validated for PCMI modeling. Comparisons between BISON calculations and experimental results were made to validate the BISON code’s capability to model PCMI accurately.

In addition to RIA studies, FeCrAl cladding’s performance under BWR anticipated operational occurrences (AOOs) or anticipated transient without SCRAM (ATWS) is compared against Zircaloy-2 cladding. Enhanced oxidation resistance and mechanical strengths are desirable material properties for cladding material to endure undesirable thermal stresses induced from periodic dryout from BWR AOO/ATWS and to continue its normal operation. Therefore, the objective of BWR cyclic dryout study is to compare the accident tolerance of FeCrAl and Zircaloy-2 claddings in a high-temperature steam environment. In addition, Computational modeling efforts are made to understand the detailed mechanical response of cladding materials and to support BISON code development further.

Lastly, the US nuclear industry is restarting the effort to build a technical basis to extend the burnup level beyond the regulatory limit of 62 GWd/MTU. The thermal conductivity of fuel pellets degrades with increasing burnup levels due to the effects of cracking [16], fission product build-up, deviation from stoichiometry, and radiation damage [17]. A recent integral LOCA testing at Studsvik laboratory identified fragmentation and pulverization of high burnup fuels (65 – 72 GWd/MTU) [18]. The feasibility of exceeding the current burnup limit requires safety analysis of high burnup fuels to DBAs, as pulverized fuel pellets may relocate into the ballooned region and disperse if cladding bursts. Therefore, a thermal-hydraulics LOCA analysis is carried out for a PWR containing high burnup fuels as a part of a Multiphysics analysis, coupling neutronics, thermal-hydraulics, and thermomechanical analyses to build a technical basis. 

Based on the scope of these safety analyses, this dissertation includes elucidating the impact of advanced LWR fuel materials during transient scenarios:
1. What are the implications of rapid heating effects in flow boiling conditions?
2. Can nuclear systems code capture rapid heating effects for improved thermal-hydraulics predictions during RIA?
3. Can high-fidelity strain data enhance the understanding of ATF cladding burst behavior during the PCMI tests?
4. How well does BISON fuel performance analysis code simulate complex PCMI?
5. What is the impact of high burnup fuel thermal properties under a prototypic LB-LOCA scenario?

These questions are addressed by leveraging the separate-effects tests and advanced modeling tools. Based on the scope of these analysis, the following hypotheses are theorized:
1. Reflecting transient heating effects on CHF predictions in the nuclear systems code will enhance CHF and post-CHF temperature predictions.
2. High-resolution image data provides an improved understanding of mechanical deformation and burst behaviors during RIA transient.
3. BISON can accurately predict a complex PCMI and can reliably be used for novel material concepts, such as ATF materials.
4. FeCrAl cladding provides an enhanced safety margin relative to traditional zirconium-based cladding in high-temperature dryout conditions.
5. Degraded thermal conductivity of high burnup fuel reduces fuel safety margin during LOCA.

The work in this dissertation provides an increased knowledge base of advanced LWR fuel and cladding, methods to reduce the gap between experimental data and model simulations, and validations of advanced modeling tools. Studies in this dissertation demonstrate the practicality of advanced LWR fuel and cladding concepts under various transients. The fuel and cladding concept considered in this dissertation is a near-term concept defined by the U.S. Nuclear Regulatory Commission (NRC), which technologies are likely to be deployed in several years. Therefore, the cohesive use of separate-effects tests and advanced modeling tools for analyzing FeCrAl cladding and high burnup fuel in various transient scenarios will be relevant and valuable.
[bookmark: _Toc118319752]Outline and Unique Contributions
The work in this dissertation provides an increased knowledge base on FeCrAl cladding and high burnup fuels by leveraging the separate-effects tests and advanced modeling tools. CHAPTER 2 covers literature reviews of the history and goal of advanced LWR fuels research and development and design concepts with accident scenarios considered in this dissertation. It also contains the history, capability, and use of advanced modeling tools considered in this dissertation. 

A thermal-hydraulics study of transient CHF, which includes separate-effects tests and model validation with SS-316 and FeCrAl tubes, is given in CHAPTER 3. A study of FeCrAl cladding mechanical failure to separate-effects test simulating RIA PCMI is discussed in CHAPTER 4. BISON code validation of complex PCMI modeling with ATF concept is also included. In CHAPTER 5, the superior accident tolerance of FeCrAl cladding over Zircaloy cladding is determined for a high temperature dryout environment simulating BWR AOO/ATWS events. CHAPTER 6 describes the thermal-hydraulics analysis of a PWR core containing high burnup fuels, which was in concert with coupling neutronics and thermomechanical analyses to evaluate susceptibility to high burnup fuel fragmentation. Lastly, CHAPTER 7 summarizes the findings, contributions, and future works to conclude the dissertation. 

The evaluations of advanced LWR fuel concepts in this dissertation have been published in peer-reviewed journals [19-23]. Unique contributions of this dissertation are as follows:

1. Design and execution of flow boiling experiments to assess steady-state and transient CHFs with the rapid heating effects from transient power insertion in the flow boiling condition. The experimental data is curated and post-processed to build prototypical boiling curves characterizing the flow boiling process to transient power insertion like RIA, which intends to observe transient heating effects on flow boiling CHF. All the experiments were performed at the University of New Mexico, where I produced experimental data. Curation and post-processing of experimental data were performed at the University of Tennessee.
2. Construction of transient CHF correlations using experimental data. A systematic method is developed to implement this empirical transient CHF correlation in the nuclear systems code to enhance its CHF and post-CHF temperature predictions.
3. Validation of empirical CHF correlation in a widely used thermal-hydraulics analysis code. The RELAP5-3D model based on the experiment test section is utilized to implement CHF correlation for code-to-experiment comparisons. The simulation results validated the feasibility of the CHF correlation by producing enhanced CHF and post-CHF temperature predictions. This methodology is applied to a PWR simulating RIA as a demonstration for different power and flow conditions.
4. Package high-fidelity strain data for assessment of FeCrAl cladding mechanical response to RIA-relevant PCMI loadings. A full-field digital image correlation (DIC) method is applied to yield high-spatial resolution strain data from the separate-effects tests.
5. The initial validation of the finite-element-based BISON nuclear fuel performance analysis code’s capability to model complex PCMI. BISON is used to develop materials models in the modified burst test (MBT) station at the Oak Ridge National Laboratory (ORNL). A code-to-experiment comparison provided promising outcomes and a basis for using BISON to model RIA for the FeCrAl cladding concept. Modeling efforts are made with guidance from material scientists and fuel performance modeling experts at the ORNL.
6. Execution of a sensitivity analysis focused on mechanical properties of three materials used in MBT and experimental boundary conditions to highlight the relationship between these parameters and PCMI and cladding burst. This sensitivity study used the MBT model with an experimental condition and perturbed each parameter based on the measurement uncertainty.
7. Analysis of FeCrAl and Zircaloy cladding experiments subjected to cyclic dryout conditions in a high-temperature steam environment simulating BWR AOO/ATWS transients. Experimental data from the ORNL’s severe accident test station (SATS) was supplied to compare accident tolerance of the ATF cladding concept and a traditional zirconium-based cladding.
8. Development of SATS BISON models for FeCrAl and Zircaloy claddings to simulate the experiments and verify deformation and burst models. The modeling work of these experiments provided a detailed analysis of mechanical models, mechanical deformation responses, and potential failure mechanisms under thermal cycling. Simulation results were verified by comparison to ex-situ residual strains.
9. Development of a typical 4-loop pressurized water reactor (PWR) modeling loss-of-coolant accident (LOCA) for high burnup fuel analysis. An assessment of the RELAP5-3D LOCA model is made against the PWR final safety analysis report (FSAR) LOCA results to ensure the model baseline prior to high burnup fuel analysis. Thermal-hydraulic responses of high burnup fuels to large break LOCA (LB-LOCA) provided a realistic boundary condition to support the fuel performance analyses.
10. Investigation of high burnup fuel rod’s uncertainties in thermal properties. Precise quantification of thermal properties is essential due to its direct impact on fuel integrity during accident progression. A sensitivity study is conducted to provide high burnup fuel’s performance envelope under  LB-LOCA by perturbing qualifying fuel system thermal properties. The performance envelope developed in this study informs the design of future integral LOCA tests evaluating high burnup fuel and cladding integrity.
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[bookmark: _Toc118319755]Historical Perspective
In 1946, Admiral Hyman Rickover visited Oak Ridge to discuss the feasibility of nuclear energy for naval ships [24]. After the visit, he decided to use LWR technology with zirconium-based alloy fuel cladding in the U.S. Navy’s first nuclear-power propelled submarine, the Nautilus. His decision on cladding material was assisted by the discovery of Kaufman and Pomerance on the low thermal neutron absorption cross-section in zirconium when separated from hafnium [24, 25]. Since then, UO2/zirconium-based fuel and cladding systems have been widely used in LWRs. LWRs powered by UO2/zirconium-based fuel and cladding systems produced reliable and sustainable large-scale electricity for more than a half-century. However, in 2011, an unprecedented accident at the Fukushima-Daiichi nuclear power plant stimulated a global effort to develop ATF materials to substitute traditional LWR fuel systems to enhance safety.

On March 11, 2011, a 9.0 magnitude earthquake struck off the East Sea of Japan, which transpired a 14-meter tsunami overtopping the seawalls of the Fukushima-Daiichi plant and causing a station blackout (SBO) [4]. Operating reactors detected the tremor from the earthquake and were automatically shut down. The tremor cut off the power plant from the electricity grid, and the reactor continued to be cooled by the backup generators. However, the backup generators were disabled when the tsunami overtopped the seawall inundating the Daiichi plant. Coolants removing the decay heat from the reactor cores became immobile as the coolant pumps deactivated. The temperature of fuel systems in the core increased without sufficient heat removal from the coolant, which quickly reached saturation point. Zirconium-based claddings rapidly reacted with steam at high temperature, generating hydrogen gas:
	
	
	Eq. 1



Significant hydrogen generation resulted from the high oxidation rate at elevated temperatures, ultimately causing hydrogen explosions and destroying the reactor containment systems and buildings. Destruction of containment systems naturally led to releasing radioactive materials, which triggered worldwide public concern about the safety of nuclear power. The Fukushima accident played a decisive role in greatly reducing the confidence in nuclear power generation. A global effort is underway to research and develop ATF technologies to potentially substitute the traditional fuel systems and structural materials in current LWRs, thereby enhancing the safety of nuclear energy.

In addition to safety, one of the major challenges to nuclear energy lies in its economic competitiveness. The trend toward higher discharge burnup has persisted for decades in the nuclear energy industry [26]. The current average discharges are about 50 GWd/MTU, whereas, in the 1970s and 1990s, the discharge burnups were 25 GWd/MTU and 40 GWd/MTU, respectively [27].  Economics has been a major factor driving this historical trend of higher discharge burnup. Recently, the US nuclear utilities is renewing efforts to extend the rod average burnup limit beyond the regulatory limit for economic 24-month fuel cycle design [7]. The NRC is preparing the regulatory framework for efficient and effective licensing of higher burnup along with near-term ATF concepts.

[bookmark: _Toc118319756]Goal of Advanced LWR Fuel Development
The primary goal of advanced LWR fuels is to extend the coping time during accident scenarios, especially during beyond design basis accidents (BDBAs) like SBO in the Fukushima Daiichi plant. Therefore, performance metrics of potential advanced LWR fuel materials should not be confined to enhanced accident tolerance. To sufficiently replace the traditional UO2/Zircaloy fuel system, potential fuel materials should show their compatibility with the LWR core design and demonstrate their negligible impact or potential improvements on LWR performance during normal operation. Advanced LWR fuel candidates have the following material characteristics, which will permit extended accident coping time and maintain retention of fission products in high-temperature steam environments: substantially enhanced oxidation resistance, enhanced mechanical strengths and degradation resistance, and improved fuel to coolant heat transfer. In particular, significantly improved oxidation kinetics of cladding material relative to Zircaloy is advisable to delay or reduce combustible hydrogen generation and associated exothermic reaction [28].

In addition to enhancing accident tolerance, advanced LWR fuel technology should be cost-effective for the US nuclear utilities to maintain economic competitiveness. Potential economic savings can be derived from improved reliability of fuel leading to lower fuel failures and higher discharge burnups [29]. Reaching higher discharge burnup will improve fuel cycle economics, which incentives come with safety concerns unique to under-explored higher burnup fuels. Higher burnup fuel safety performance can be achieved by leveraging optimized fuel cycle design and desirable high-temperature capability of ATF cladding concepts. Hence, advanced LWR fuel development provides viability to enhance the safety and competitiveness of nuclear power.
[bookmark: _Toc118319757]Design Concepts
This section provides an overview of advanced LWR fuel system design concepts considered in the present work. Projects in this work primarily focus on analyzing FeCrAl cladding alloy, high-burnup UO2 fuel, and Zircaloy cladding system.
[bookmark: _Toc118319758]Iron-Chromium-Aluminum Cladding
Iron-Chromium-Aluminum (FeCrAl) alloy cladding is a near-term ATF cladding concept. The most significant advantage of this alloy is its high-temperature oxidation resistance [12], as shown in Figure 2. FeCrAl shows orders of magnitude enhanced oxidation resistance compared to traditional zirconium-based cladding. Such excellent oxidation resistance comes from Cr and Al, which are additive elements providing stability at high temperatures by forming the Al2O3 phase on the surface of the material to protect the material from oxidation [30-33]. However, the melting point of the FeCrAl alloy is lower than that of the Zr alloy, which is ~1500°C. It is predicted that FeCrAl alloys have low oxidative reactivity at high temperatures, so exothermic reactions due to oxidation reactions are suppressed [34]. Hence, the temperature of the cladding may not increase further. Another disadvantage of FeCrAl is the large neutron absorption cross-section because the major constituent elements are transition metals: Fe and Cr. Therefore, the cladding thickness must be reduced to maintain the neutron economy at the current level of nuclear fuel [35]. Manufacturing a 4 m long tube with a thin and uniform thickness may induce difficulties in the manufacturing process and increase manufacturing costs [36]. Furthermore, with a reduced cladding thickness, the stress in the circumferential direction rises even if the same internal pressure is applied, resulting in potential deformation 







[image: ]
[bookmark: _Ref114585093][bookmark: _Toc118319841]Figure 2. Oxidation rate for various cladding materials relative to temperature [12].



under steady-state creep deformation or high-temperature accident environments [35]. Therefore, when considering the changes in the size of fuel cladding, consideration should be given to changes in the mechanical properties caused by the dimensional changes. Other factors to consider for FeCrAl alloy are the damage caused by irradiation and the permeation of tritium generated when the sintered fuel is burned [11, 37]. Iron-based alloys have been manufactured and used as LWR fuel cladding. In the normal LWR environment, irradiation-assisted stress corrosion cracking (IASCC) may damage the cladding tube, and tritium released from the fuel is transferred directly to the coolant [11, 38]. Hence, applying FeCrAl alloy as an LWR fuel cladding requires verification of the abovementioned problems. The superior high-temperature strength can be achieved from oxide dispersion strengthening (ODS) technology [39]. The ODS FeCrAl alloy has an increase in strength but reduced elongation, thereby limiting the strength of oxide dispersion enhancement [40]. An improved alloy with Mo and Nb added to the FeCrAl alloy is being developed to compensate for such problems. Mo increases the solid solution effect, and Nb increases the strength by refining grains [41]. However, since the effect is small at high temperatures above 800°C, it may need other alternatives to improve the strength in the temperature range beyond 1,200°C in case of accident scenarios.

Active research for the FeCrAl alloy is ongoing to understand the thermal-hydraulic and thermomechanical responses during simulated DBA conditions. A pool boiling study showed enhanced nucleate boiling heat transfer and CHF from FeCrAl alloy compared to zirconium-based alloy because of surface characteristics (e.g., wettability and roughness) [42, 43]. The effects of surface characteristics were also prominent under the flow boiling conditions for the FeCrAl alloy. FeCrAl alloy exhibited superior nucleate boiling heat transfer and CHF at a low flow rate than Zircaloy-4 due to the enhanced thermal properties and surface roughness [14, 15]. However, material sensitivity on nucleate boiling heat transfer and CHF significantly decreased due to the increased shear stress that the high flow rate on the boiling surface overwhelming material-related boiling implications [14]. This observation gave reason to utilize existing steady-state CHF correlations for the safety margin quantification during normal operation. Flow boiling study also observed increased CHF relative to steady-state CHF when pulsed power injection occurred. When rapid heating was applied, enhancement in CHF was achieved by 39% and 23% compared to the CHF lookup table and the steady-state condition result. This observation gave reason to examine the influence of rapid heating rate on CHF.

FeCrAl alloy claddings are exposed to DBA conditions to promote a better understanding of thermomechanical behavior [20, 44-47]. While the properties of FeCrAl alloy look promising, FeCrAl cladding should prove its adequate mechanical responses during accident progression. A study by Garrison et al. [44] presented the nuclear-grade FeCrAl alloy cladding’s burst characteristics under simulated LOCA conditions. Zircaloy cladding is well-known to exhibit large ballooning from thermal creep. However, FeCrAl claddings showed smaller burst sizes induced by localized necking during the plastic deformation. In addition to LOCA studies, FeCrAl cladding’s mechanical response and failure during RIA conditions are active research topics  [46, 47]. Separate-effects tests simulating pellet-cladding mechanical interaction provided the 2.5 – 3.0 % failure strains during postulated hot zero power RIA conditions. The failure strains from experiments suggested that the energy deposition limits for FeCrAl claddings would be comparable to the proposed limits in DG-1327 [48]. 
[bookmark: _Toc118319759]High Burnup Fuels
The US nuclear industry is building a technical basis to extend the rod average burnup limit beyond 62 GWd/MTU for economic 24-month cycle lengths. The primary driver is the cost-effectiveness of fuel cycle design that reduces the number of fresh fuel assemblies and refueling outages. It adds incentives of higher fuel utilization, smaller fuel inventories, fabrication costs, and reduced spent fuel volumes. However, higher burnup introduces significant engineering challenges to fuel integrity. Higher fuel utilization increases damage to the UO2 matrix, radiation-induced growth, accumulation of gaseous fission products, and heat transfer degradation [16, 17, 49]. 

Recently, high burnup LOCA experiments conducted at the Halden and Studsvik identified fuel susceptibility to pellet fragmentation and pulverization when burnup level exceeds current regulatory limit [18, 50]. LOCA tests demonstrated axial relocation of fine fragments into ballooned region of cladding and dispersal of pellets following the rupture. Fuel fragmentation and pulverization are shown to be dependent on burnup level and temperature [50-54]. Halden LOCA test series IFA-650 clearly identified the first-order parameters (burnup level, rod internal pressure at burst, and cladding deformation) influencing the level of fuel fragmentation [55]. Fragmented fuel particle size (0.1 – 4 mm) reduced with increasing burnup level from 40 - 50 GWd/MTU to 70 - 80 GWd/MTU. Beyond burnup level of 70 - 80 GWd/MTU, pulverized fuel particles and powders (0.1 – 1 mm) were observed. Separate-effects tests with high burnup fuel samples showed the effects of cladding restraint on fuel fragmentation [56]. Fuel fragmentation or formation of cracks induces volumetric expansion, which is restrained by undeformed cladding. At high temperatures, high burnup fuel rod internal pressure increases causing Zircaloy creep deformation, thus reducing physical restraints provided by cladding for fuel fragmentation.
[bookmark: _Toc118319760]Safety Related Concepts and Accident Scenarios
Safety-related phenomena and accident scenarios relevant to the advanced fuel concepts in this dissertation are described here. CHF is discussed with implications of transient effects. Separate-effects tests discussed in this dissertation simulate accident scenarios listed in this section. Separate-effects tests are intended to improve understanding of the engineering capabilities and limitations associated with the advanced fuel concepts under different accident scenarios.
[bookmark: _Toc118319761]Critical Heat Flux
When a heated surface is wet, thermal energy transferred to the coolant is absorbed by the latent heat of evaporation near the heated surface. Rapid vapor nucleation from the heated surface enables a large amount of thermal energy to be transferred to the coolant with a small wall-superheat. However, this nucleate boiling phenomenon is bounded by critical heat flux. Critical heat flux defines the boiling limit of a heater material where a sudden phase change occurs in the coolant from nucleate boiling to film boiling regime. Hence, boiling transition rapidly decreases the heat transfer coefficient when a heated surface reaches critical heat flux due to vapor layer formation in the vicinity of the heated surface.

Recently, ATF cladding research triggered interest in cladding-dependent CHF [14, 15, 42, 57-60]. Lee et al. [15] pointed out that the current reactor design commonly uses the Groeneveld CHF lookup table [61] or W-3 correlation [62] to quantify the thermal safety margin of a PWR through the departure of nucleate boiling ratio (DNBR):
	
	
	Eq. 2
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[bookmark: _Ref112405515][bookmark: _Toc118319842]Figure 3. CHF comparison schematics. Adapted from [15].



However, lookup table and correlations are developed with steel-based materials. As shown in Figure 3, CHF margins evaluated by the current analyses are not specific to Zircaloy cladding and may hold unaccounted discrepancies. Hence, examining CHF is a crucial step toward implementing ATF cladding materials.

Lee et al. [14] carried out steady-state flow boiling CHF experiments on various tube materials to identify material-sensitive CHF at atmospheric pressure. Their study identified appreciable material sensitivity on CHF at low mass flow. However, increasing mass flow reduced material sensitivity due to the increased impact of flow on boiling heat transfer. The study highlighted the need for an enhanced understanding of the material impact on boiling heat transfer upon implementing ATF cladding materials.

Compared to steady-state boiling, transient boiling heat transfer is scarcely studied, and transient heating effects on CHF are a less understood phenomenon. Zuber’s model traditionally explains the steady-state CHF trigger mechanism based on hydrodynamic instability [63]. Early experimental transient boiling studies have shown that a boiling crisis in a transient heating condition significantly differs from a boiling crisis in steady heating conditions [64-67]. Experimental studies successfully identified that the CHFs under transient heating conditions are appreciably higher than steady-state CHFs using wire-type heaters. As shown in Figure 4, Tachibana et al. [67] identified that the CHF in a power transient increases with increasing heating rate. This study also reveals a trend of heat flux asymptotically reaching a steady-state value with decreasing heating rate.
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[bookmark: _Ref112751086][bookmark: _Toc118319843]Figure 4. Critical heat flux in transient heating conditions relative to steady heating conditions. Adapted from [67].



Recent studies observed the same trend, where CHF increases as the heating rate increases in both pool and flow boiling regimes [15, 21, 68-73]. Sakurai [73] proposed three mechanisms for transient CHFs in pool boiling. The direct transition from single-phase conduction to film boiling was achieved by heterogeneous spontaneous nucleation (HSN) for very short heating periods, where the onset of boiling heat flux equals the CHF. For longer heating periods, CHF is observed as an extension of the fully developed nucleate boiling (FDNB) on the boiling curve. CHF increases with a decrease in the heating period induced by the time lag of the hydrodynamic instability. For heating rates between these two mechanisms, CHF is observed because of the instantaneous levitation of coolant in the vicinity of the heated surface by HSN before the boiling regime reaches FDNB. Sakurai developed an empirical pool boiling transient CHF correlation, which relates transient CHF to steady-state CHF using an exponential heating period. An empirical approach to account for heating rate is also used in flow boiling conditions. Hata and Noda [70] derived robust empirical flow boiling transient CHF correlations using exponential heating periods and steady-state CHF values. Their correlation covers a wide range of flow conditions (i.e., exponential heating period, diameter, flow rate, pressure, and subcooling). It is similar to pool boiling studies, where transient CHF increases with decreasing exponential heating periods. This trend is experimentally confirmed by Bessiron [74] at PWR-relevant flow conditions. Bessiron carried out transient flow boiling CHF experiments with the PATRICIA facility at CEA/Grenoble, France. Out-of-pile PATRICIA CHF experiments revealed increased CHFs under rapid heating conditions (heating rates between 2,600 – 4,900 K/s) compared to steady-state CHF. Bessiron assumed that the transient CHF behavior did not resemble the hydrodynamic instability mechanism, as DNB occurred before the nucleate boiling is fully established. Though studies revealed transient heating effects on CHF, there is no satisfactory mechanistic model to be implemented in the nuclear systems analysis code. Hence, in this dissertation, an effort is made to implement empirical transient CHF correlation into the nuclear systems analysis code, which aims to enhance CHF and fuel system temperature predictions during transient heat insertion.
[bookmark: _Toc118319762]Reactivity Initiated Accidents
RIA is a postulated design basis accident scenario in LWRs, which take the form of a control blade drop in a BWR or a control rod ejection in a PWR. Sudden ejection or drop of a control rod triggers an inadvertent insertion of a large reactivity into the reactor core, where prompt energy deposition into the fuel system takes place and causes power excursion, as shown in Figure 5 [75]. An inherent reactor feedback mechanism suppresses power excursion from control rod ejection, where an unwanted power rise produces fast negative reactivity feedback from the increase in the fuel and coolant temperature and steam generation in the core. The negative feedback mechanism is the limiting factor for the peak power during the power ramp.

Still, the fuel system can exhibit consequences of RIAs from a rapid increase in power and temperature. Fuel system failures can be divided into low-temperature and high-temperature modes [76]. In the low-temperature phase, pellet-cladding mechanical interaction (PCMI) occurs as retained heat in fuel pellets causes rapid thermal expansion in a millisecond timescale, which makes them contact the inner wall of cladding. Fuel pellets expanding in an outward direction introduce stresses in the cladding in a complex biaxial direction, which may cause deformation or even burst, especially if the cladding is severely corroded and embrittled [76-79].







[image: Diagram

Description automatically generated]
[bookmark: _Ref112830912][bookmark: _Toc118319844]Figure 5. Control rod ejection and temperature response in a PWR. Adapted from [75].



In the high-temperature phase, the fuel system may exhibit failure by cladding ballooning and bursting and by cladding fracture upon liquid quenching. When deposited energy is transferred from fuel pellets to the cladding, the cladding exhibits boiling on the surface and quickly reaches CHF. The fuel system retains thermal energy from reactivity insertion and from insufficient heat removal to coolant due to the vapor layer in the vicinity of the outer cladding surface. Rapidly rising cladding temperature decreases the mechanical strength of cladding, which can lead to cladding ballooning from a significant pressure difference. Rapidly increasing fuel system temperature can also result in a transient release of accumulated gaseous fission products, increasing the internal pressure loading [76, 80]. After the heated cladding surface reaches CHF, the film boiling regime is sustained for up to 15 seconds [76] until rewetting happens. During this period, cladding is embrittled by high-temperature oxidation and is imminent to brittle fracture upon liquid quenching, which applies thermal stresses. The last but least probable failure mechanism may happen if the energy deposited in the fuel system is excessively high. The cladding and fuel pellets may exhibit melting, especially if highly enriched. The melting of fuel system materials can result in cladding failure, followed by intense thermal interaction with the reactor coolant. 
[bookmark: _Toc118319763]Loss of Coolant Accidents
LOCA is another postulated design basis accident scenario in LWRs, where the primary coolant system exhibits a break resulting in the loss of coolant. In a PWR, system response varies depending on the break location (e.g., hot-leg or cold-leg) and size (e.g., small, medium, or large) of LOCAs. Here, the most severe LOCA scenario is described. The most severe PWR LOCA scenario is a double-ended rupture of the primary coolant loop cold leg connecting the reactor vessel and the main circulation pump. While remaining intact loops continue their operation, reactor coolant splashes to steam and exits to the containment. It is the blowdown phase where the reactor vessel rapidly depressurizes and loses coolant, which causes a fuel temperature to rapidly increase from the fission product decay heat and insufficient cooling. Fuel systems produce voids and experience the departure from nucleate boiling, which introduces the negative void reactivity shutting down the reactor core. The blowdown phase lasts up to 30 seconds until the refill phase begins, where the emergency core cooling system (ECCS) starts injecting a low-temperature coolant into the reactor pressure vessel. During the initial activation of ECCS, an intense condensation process occurs due to the large temperature differences between the injected coolant and the coolant remaining in the primary circuit. At the end of the refill phase, the steam flow through the core as the condensation is only induced from the water in the lower plenum. As a result, the reactor core has poor heat transfer, and the fuel system temperature increases adiabatically. As inject of coolant continues, the accident reaches the reflood phase, where the coolant reaches the bottom of the core. Due to the high fuel temperatures, the coolant arriving in the core instantaneously vaporizes and introduces a sizeable upward flow of steam and droplets, decreasing the cladding temperature until rewetting takes place and the quench front advances. 

During large break LOCA, the fuel system experiences a rise in temperature and pressure, high-temperature oxidation, and liquid quenching, as shown in Figure 6. During blowdown, clad ballooning and rupture can occur from rapidly increasing fuel system internal pressure and temperature, resulting in clad oxidation and wall thinning [81]. If the fuel system has a high burnup level, fuel pellets may fracture due to rapidly expanding fission gas bubbles, thermal stress, and mechanical loading [19, 81-84]. These fragments may relocate axially into the ballooned region and disperse into the core if the cladding burst occurs. 






[image: ]
[bookmark: _Ref113369319][bookmark: _Toc118319845]Figure 6. Loss of coolant and temperature response in a PWR. Adapted from [75].


Cladding exhibits high-temperature steam oxidation during the refill phase, where cladding is corroded and embrittled. Cladding may fracture upon liquid quenching during the reflood phase when severely oxidized.
[bookmark: _Toc118319764]BWR Cyclic Dryout Events
In BWRs, power oscillations can occur due to the behavior of the two-phase flow removing thermal energy from the fuel systems [85, 86]. Boiling introduces voids traveling upwards through the coolant channel, creating local pressure drops that are delayed relative to the onset of boiling. Such two-phase pressure drop perturbations can harvest oscillations in the coolant flow and the average void fraction across the core [87-90]. Then, power oscillation may occur because the reactivity feedback depends on the oscillating core average void fraction. This power oscillation may have a high amplitude when the divided regions in the core oscillate in opposite directions at constant overall power, a condition known as out-of-phase oscillation. High amplitude power oscillation can affect fuel system integrity by imposing significant thermal cycling from sustained dryout duration and rewetting [91]. In addition, power oscillation with potential failure in reactor control systems can result in cladding failure.

In 1988, the LaSalle-2 BWR experienced an inadvertent trip in recirculation pumps, resulting in a sharp decrease in the core flow and power [92]. It consequently reduced steam extraction in the turbine to the feedwater preheaters, resulting in the automatic isolation of some preheaters. Reduction in feedwater temperature created a positive void and moderator reactivity insertion in the core, thus producing oscillatory transients. Although the reactor was safely scrammed at 118% full power, postulated scram failure was simulated to observe system response. Simulations of anticipated transient without scram (ATWS) predicted large fuel temperature oscillation. In 1999, the Oskarshamn-2 BWR experienced a similar instability event, resulting in cyclic dryout conditions [93, 94]. A control system logic failure and loss of feedwater preheaters initiated power and flow oscillations. Interaction of the power and flow control system caused the reactor to enter an unstable low-flow, high-power regime resulting in core-wide diverging power oscillations terminated by automatic scram. In the United States, the US Nuclear Regulatory Commission requires that fuel integrity be maintained during anticipated operational occurrences (AOOs) by limiting the critical power ratio above the minimum critical power ratio safety limit [95]. Because instability events inducing boiling transitions threaten fuel system integrity, the Japanese Atomic Energy Society generated standards for fuel integrity during boiling transitions, AOO, or ATWS events [96, 97]. These standards limit any instability event within the permissible range of cladding temperature up to 1073 K and dryout duration up to 100 s. However, this criterion is limited to zirconium-based claddings and may not be appropriate for accident-tolerant fuel (ATF) cladding candidates.
[bookmark: _Toc118319765]Review of the State-of-the-Art Advanced Modeling Tools
This section provides an overview of advanced modeling tools used in the present work. Modeling work is based on the calculations of Idaho National Laboratory’s thermal-hydraulics systems code RELAP5-3D and fuel performance analysis code BISON. Sensitivity studies coupled to thermal-hydraulics analysis and thermo-mechanical analysis were performed using the RAVEN probabilistic analysis framework and the Python Sensitivity Analysis Library (SALib), respectively. Data processing is primarily performed in Python. 
[bookmark: _Toc118319766]Computational Thermal-Hydraulics
History of RELAP5
The RELAP5-3D (Reactor Excursion and Leak Analysis Program – 3 dimensional) code is the state-of-the-art thermal-hydraulics systems safety analysis code developed at Idaho National Laboratory (INL). In the 1960s, U.S. Atomic Energy Commission (today’s U.S. Nuclear Regulatory Commission) initially funded the National Reactor Testing Station operated by Phillips Petroleum Company (today’s INL) to develop a code capable of modeling small-break LOCA (SB-LOCA) in PWRs [98]. Since then, the modeling capability and fidelity have greatly improved with each subsequent code release. In 1979, the RELAP5 was first introduced by U.S. NRC with two-phase fluid modeling capability to simulate SB-LOCA and operational transients. The capability of the RELAP5 code evolved with input from various organizations, including the U.S. Department of Energy (DOE) Office of Nuclear Energy, national laboratories, and private companies. In the 1990s, INL introduced the RELAP5-3D code, a successor to the RELAP5/MOD3 code by U.S. NRC, which contains the fully integrated, multi-dimensional thermal-hydraulics and kinetics modeling capability.
Modeling Capabilities of RELAP5
The RELAP5 code utilizes a set of six differential equations to solve hydrodynamics, consisting of the mass continuity, energy conservation, and momentum conservation equations for the liquid and gas phases [99]. The code divides the system into mono-dimensional volumes to solve the mass and energy conservation equations. These volumes are connected through junctions, where the momentum conservation equation is solved. These differential equations are solved over time and space throughout the simulation. The RELAP5 code uses heat structures to simulate heat transfer between solid boundaries and hydrodynamic volumes. Modeling capabilities of heat structures include every component in the reactor system, from fuel pins to steam generators and vessel walls. The finite differential method is implemented to solve time-dependent heat conduction equations. Code also contains a heat transfer correlation package for convective, nucleate boiling, transition boiling, film boiling, CHF, and rewetting heat transfer from the heat structures to the hydrodynamic volumes. During transient simulation, the control logic can be adapted through the trip system, which consists of evaluating logical statements. Trips are used to control the transient progression of the system. For example, a trip system is used to open a valve connecting cold leg and ambient, simulating loss of coolant accident. The manuals contain a comprehensive description of RELAP5-3D and RELAP5/MOD3.3 codes.
Use of RELAP5 in the current doctoral work
The RELAP5 code is used to simulate two different accident scenarios in this work. First, flow boiling CHF experiments conducted at the University of New Mexico are simulated in the RELAP5-3D code to analyze the discrepancies between the measured data and the predicted CHF and post-CHF behavior. This study aimed to capture the effects of transient heat insertion on CHF predictions in the RELAP5 code by implementing empirical transient CHF correlations. 

In a separate project, I performed the LB-LOCA transient thermal-hydraulic evaluations of high-burnup fuel rods with RELAP5-3D. The study investigated fuel susceptibility to fuel fragmentation, relocation, and dispersal for a realistic 24-month cycle core design. Neutronics calculations and fuel performance analysis provided end-of-cycle conditions for high-burnup fuels, which were exposed to LB-LOCA transients, where RELAP5-3D calculations provided thermal-hydraulic boundary conditions for fuel performance analysis. In addition, fuel system sensitivity analysis was performed by coupling RELAP5/MOD3.3 and RAVEN to identify implications of fuel system uncertainties and generate boundary conditions for integral LOCA experiments.
[bookmark: _Toc118319767]Computational Fuel Performance Analysis
History of BISON
BISON code is a finite-element-based nuclear fuel performance analysis code developed at the INL since 2009 [100]. Until recently, the fuel performance analysis heavily relied on finite-difference based codes typically approximating complex fuel behavior using an axisymmetric, axially stacked, one-dimensional radial demonstration [100-102], except for two-dimensional FALCON finite-element based code [103]. BISON fuel performance analysis code is created to fulfill the need for improved modeling of complex Multiphysics phenomena and the multidimensional modeling capability for accurate fuel performance simulation [100, 102, 104]. BISON has been applied not only to typical LWR fuel systems but to TRISO, metallic, and plate fuel geometries since the beginning of its development. Fuel system analysts are actively assessing and improving BISON’s ability to predict fuel behavior compared to experimental data.
Modeling Capability of BISON
BISON code is a nuclear fuel performance analysis code based on the finite element method. It is applicable to both steady-state and transient fuel behaviors in one-dimensional, two-dimensional, or three-dimensional geometry. BISON code simultaneously solves the coupled equations of stress equilibrium, heat conduction, and species diffusion optionally [105]. BISON utilizes the Jacobian-free Newton-Krylov method employing a finite difference approximation to solve coupled physics equations, which is particularly useful in analyzing Multiphysics behaviors [105, 106]. It provides a robust and flexible parallel, object-oriented, nonlinear solid mechanics solver highlighting Multiphysics solving capability. The BISON code is first thoroughly verified by simulating problems specific to nuclear fuel analysis for assessing the finite element-based calculation [107]. Then, extensive validation efforts are ongoing to assess the BISON’s mechanistic modeling fidelity for various fuel types [100, 108-112]. BISON calculations are assessed against various experimental data, highlighting accurate predictions of complex fuel behaviors during normal and off-normal conditions. Still, further development in mechanistic models for various materials like ATF material concepts is necessary to make the code more robust.
Use of BISON in the current doctoral work
BISON code is used to evaluate nuclear fuel cladding performances in two different accident scenarios. First, FeCrAl cladding burst tests conducted at the Oak Ridge National Laboratory is modeled to validate the code’s capability to model PCMI against high-fidelity digital image correlation data. This study utilizes the code’s capability to model instantaneous plastic deformation and contact among structures within the fuel systems.

BISON code is also used to model cyclic dryout tests conducted at the ORNL, simulating BWR cyclic dryout conditions. This project aims to improve the understanding of cladding deformation behaviors for FeCrAl and Zircaloy alloys during thermal cycling.
	



[bookmark: _Toc118319768]
study of flow boiling transient cHF
	A version of this chapter was originally published by S. K. Lee and N. R. Brown [21]:
	S. K. Lee and N. R. Brown. “Flow Boiling Transient Critical Heat Flux Tests with Stainless Steel and FeCrAl: Transient Correlation Implementation, Model Calibration, and Sensitivity Analysis.” International Journal of Heat and Mass Transfer 179 (2021): 121730. 
[bookmark: _Toc118319769]Motivation	
The reactivity-initiated accident (RIA) is a postulated design-basis accident (DBA), typically caused by a rapid reactivity insertion due to a control rod ejection in a pressurized water reactor (PWR). A rapid control rod ejection may introduce super-prompt criticality to the reactor, causing exponential reactor power escalation in tens of milliseconds [76]. Drastic power escalation results in a near-adiabatic fuel temperature rise, introducing the possibility of a pellet cladding mechanical interaction due to the UO2 thermal expansion [113-115]. Transient fuel-to-cladding heat transfer induces a sharp temperature gradient on the cladding-coolant interface, activating nucleation sites to initiate a transient boiling regime advancement from forced convection to departure from nucleate boiling (DNB) [116-118]. The formation of a vapor layer near the heated cladding surface due to DNB reduces the fuel-to-coolant heat removal rate and increases the overall fuel system temperature. The rapid rise in fuel system temperature results in fission gas release, which increases the internal pressure, and thermal-mechanical stress, which degrades the cladding integrity [76, 80, 115, 119]. While PWRs have prompt and inherent reactivity feedback mechanisms to counteract an extreme reactivity insertion, the cladding surface will likely exhibit a critical heat flux (CHF) and possibly fail during the post-CHF response to the RIA. Recent studies examined possible impacts on CHF caused using accident-tolerant fuel (ATF) cladding [42, 58, 59, 120-122]. Recent efforts [19, 80, 82] to extend the peak rod average burnup level above the current regulatory limits (62 GWd/MTU) to enhance the economic competitiveness of commercial reactors indicate that all DBAs will eventually have to be considered, including RIAs. Our work is impactful for nuclear reactor safety because it improves the quantification of the margin to fuel failure for the high-temperature phase of an RIA. Best-estimate predictions of CHF phenomena require a robust transient CHF model [59], mechanistic predictions of fuel failure, and an understanding of the thermal-hydraulic response to a transient power insertion. 

Traditionally, hydrodynamic instability has been known to cause CHF [123]. Pool boiling transient CHF studies have revealed the limitations of CHF correlations based on fully developed nucleate boiling (FDNB), as the transient boiling characteristics induced by transient heat input were not captured [66, 73, 123-125]. The rapid levitation of the liquid sub-layer on a heated surface by explosive-like heterogeneous spontaneous nucleation (HSN) in cavities triggers a delay in transient CHF compared with steady-state FDNB-based CHF. Transient CHF studies account for the exponential power increase, or exponential period, of the power transient, . For rapid nuclear reactor transients, the exponential period can be determined from a point kinetics approximation of the prompt jump when the nuclear reactor power rises exponentially as a function of  [126, 127]. Recent studies of pool and flow boiling transient CHF showed representative empirical correlations accounting for the exponential period and the steady-state CHF [68-70, 72, 73]. Those studies showed good agreement between the experimental data set and the exponential period based on empirical correlations for both pool and flow boiling conditions. 

Given the lack of mechanistic transient CHF models in widely used thermal-hydraulics codes (e.g., RELAP5-3D and COBRA-TF), a previous comparative study of experimental and simulated CHF experiments implemented the Groeneveld look-up table to predict low-pressure transient CHF experiments in computer models [60]. However, a sensitivity study over the wide range of model uncertainties revealed the conservativeness of predictions of a post-CHF temperature excursion, with significant discrepancies in CHF and post-CHF behavior predictions. Such large discrepancies are inevitable, as the CHF is a function of more than pressure, mass flux, and equilibrium quality [61].

This study further investigated experimental steady-state and transient CHF and post-CHF measurements for 316 stainless steel (316-SS) tubes under increasing transient power insertions at two different flow conditions. It also conducted comparisons against an existing transient data point using an iron chromium aluminum (FeCrAl) alloy tube. The widely used thermal-hydraulics code Reactor Excursion Leak Analysis Program (RELAP5-3D) modeled various transient power insertions. The modeling was conducted to understand the discrepancies between the experiments and simulations and to further reduce discrepancies by implementing transient CHF correlations based on the exponential period and boiling heat transfer model calibrations. Using the uncertainty quantification tool Risk Analysis and Virtual Environment (RAVEN) coupled to the RELAP5-3D model of the experiment, sensitivity studies were conducted over the range of uncertainties in boiling heat transfer and thermal properties (heat capacity and thermal conductivity). The experimental uncertainties, model uncertainties, and material thermal property uncertainties were considered to understand the sensitivity of these parameters to the key figure of merit: the peak cladding temperature (PCT) under increasing transient power insertions. Finally, transient CHF correlations were applied as a scoping study of a generic RIA in a PWR model to show the potential implications of the transient CHF multipliers for the fuel system thermal-hydraulic response.
[bookmark: _Toc118319770]Experiment and Simulation Descriptions
[bookmark: _Toc118319771]Flow Boiling Experiments
The experiments in this paper were conducted using a flow boiling apparatus at the University of New Mexico (UNM). A detailed description of the UNM flow boiling apparatus is discussed in the literature [14, 15]. The flow loop consisted of the following components: a steam separating reservoir, a heat exchanger, a pump, a heater, an orifice flow meter, a power supply, a data acquisition system, pressure, and temperature instrumentation, and a test section, as shown in Figure 7. The test section consisted of a 508.0 mm long, 0.254 mm thick 316-SS tube with K-type thermocouples attached to measure the inlet and outlet coolant and surface temperatures. Transducers measuring the voltage and current across the heated section were implemented for data acquisition for inserted transient power through the direct-current (DC) power supply. The test section was fully insulated with thermal blocks. The deionized water coolant flowed through the tube internally with uncertainty in the flow velocity of ± 2 % and inlet temperature uncertainty of ± 0.2 K. The DC power was supplied through copper power terminals to a heated length of 50.8 mm. A fully developed flow was ensured by providing an inlet length of 254.0 mm prior to the heated surface. The thermocouples measuring the tube surface temperature were placed the top end of the heated section and at the center of the heated test section for steady-state CHF experiments and transient CHF experiments, respectively. The thermocouple locations for transient cases were designed to simplify transient CHF detection and calculation, as CHF may not occur at the end of the heated length during the transient power insertion.






(a)
(b)

[bookmark: _Ref110599268][bookmark: _Toc118319846]Figure 7. (a) Flow boiling loop diagram (b) cross-sectional view of the test section.


The acquisition rate of 80 Hz was employed to capture the transient flow boiling phenomena. All experiments were conducted at atmospheric pressure (84 kPa at an altitude of 1,615 m).

Steady-state CHF experiments were conducted at a fixed inlet temperature of 40°C and mass fluxes of 300 kg/m2s and 1,000 kg/m2s. A power increment rate of 0.01 V per 40 s was implemented until CHF was reached, which is determined by the sudden temperature jump relative to the unit time change exceeding 25 K/s (dT/dt). The power supply is shut down immediately after the CHF detection to protect the test specimen from burnout failure. The transient CHF experiments were conducted at the same mass fluxes as the steady-state experiments. The inlet quality was adjusted to match the equilibrium quality of the steady-state CHF points, assuming the thermodynamic quality at the time of DNB did not change significantly during transients [15, 74]. This setting enabled an impartial comparison between steady-state and transient CHFs under the reference conditions: pressure, flow, and quality. The transient CHF was quantified following the method presented in the previous study [15], which detects a sharp increase in the cladding temperature compared to the preceding timestep. This sharp temperature rise is presented in Figure 11 (a) at 0.4 s and is led by the heat transfer deterioration due to the boiling regime transition from nucleate to film boiling. 

The steady-state heat flux was quantified using the following expression:
	
	
	Eq. 3



[bookmark: _Ref68879080]where  are the voltage of the heated section, DC in the circuit, inner diameter of the tube, and length of the heated section, respectively.







[bookmark: _Toc118319824]Table 1. Flow boiling CHF experiment conditions.
	
	Steady-state
	Transient

	Mass flow (kg/m2-s)
	300
	1,000
	300
	1,000

	Inlet quality (-)
	-0.0750
	-0.0054
	-0.0423

	Equilibrium quality at CHF (-)
	-0.0054
	-0.0423
	
	

	System pressure (kPa)
	84
	84

	Power insertion (-)
	0.01V/40s increment until CHF occurred
	Haft-sine shaped power pulses
(1s width)






Equilibrium quality (Xe) at the CHF location (zCHF) was quantified using 
	
	
	Eq. 4



where  are the saturated liquid enthalpy, the enthalpy of vaporization, the mixture enthalpy, which is obtained from the energy balance:
	
	
	Eq. 5



where  are the inlet enthalpy, the mass flow rate, and the linear heat rate in the test section. Power insertion was closed when the temperature overshoot was observed from the thermocouple attached to the heated section. 
The transient heat flux was quantified using the transient energy balance:
	
	
	Eq. 6



where  are the heated section mass, the specific heat of 316-SS, the measured temperature, and the measured time. Tube inner surface temperature was computed using the following transient conduction equation with the implicit finite difference method (FDM), implementing the Neumann boundary condition using the measured outer surface temperature and the calculated transient heat flux:
	
	 
	Eq. 7



where  are the radius, the thermal conductivity, and the density of 316-SS. One hundred discretized nodes in the tube domain were used to derive the FDM with converged results. The transient CHF is determined.
[bookmark: _Toc118319772]Transient Power Pulses
The transient power levels of half-sine-shaped power curves with 1 s pulse width were considered. The transient power varied from the minimal power required to observe CHF to the maximal power available from the power supply at a given mass flow, as shown in Table 2 and Figure 8. Transitions from the nucleate to the film boiling regime were not detected below the minimal transient powers (Transients 1 and 6) for the considered flow conditions. Transients 1–5 and 6–9 match the flow conditions at steady-state CHFs of 300 and 1,000 kg/m2s, respectively. Note that the power shape was selected because it is similar to a subprompt (<1$ reactivity) hot-full-power RIA in a light water reactor (LWR). However, the employed pulse was slower than the superprompt (>1$ reactivity) or a hot-zero-power (HZP) RIA [57].
[bookmark: _Toc118319773]RELAP5-3D Model and Sensitivity Study
The experimental transient CHFs with various power pulses and flow conditions were analyzed using the best-estimate nuclear engineering system modeling tool RELAP5-3D. In addition, an effort was made to understand the discrepancies between the experimental data and the predicted CHF and post-CHF behavior by conducting a sensitivity study of heat transfer coefficients, CHF multipliers, and uncertainties in the material thermal properties. The sensitivity was expected to highlight the implications of the considered parameters concerning the increasing power insertions.

The RELAP5-3D model, as shown in Figure 9, consists of a time-dependent inlet volume, junctions, a vertical pipe, and a heat sink; it models the test section described in Section 2.1. A heat structure was implemented on the pipe supplying the power transients. Note that the heated lengths of the test section 

[bookmark: _Ref68879026][bookmark: _Ref68879012]


[bookmark: _Toc118319825]Table 2. Implemented power pulses with corresponding flow conditions and power peaks.
	Transients
	Mass flow (kg/m2-s)
	Inlet quality
	Power pulse peak (109 W/m3)

	Transient 1-5
	300
	-0.0054
	9.6, 12.7, 16.2, 18.1, 19.7

	Transient 6-9
	1,000
	-0.0423
	14.9, 18.7, 20.5, 22.3
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[bookmark: _Ref68879001][bookmark: _Toc118319847]Figure 8. Power transients implemented for CHF experiments with two flow conditions.



were simulated, as the heat transfer package of RELAP5-3D assumes fully developed steady flow. The heated length of the model was thermally insulated on the outer surface. A pipe and a heat structure using 50 axial nodes and a minimum timestep of 1E-8 s were used for model stability [60]. The maximum timestep was determined based on the Courant limit. The reference flow conditions (Table 1) were implemented. The transient power insertions in the model were implemented using the power table (in watts) constructed from the experimental power measurements. The reflood model was enabled to observe the rewetting behavior.

RAVEN was used to conduct the sensitivity study of the key figure of merit: PCT. Varying experimental and boiling heat transfer model uncertainties and material thermal property uncertainties may impact the figures of merit. The variance-based sensitivity analysis (often referred to as the Sobol method) enabled the quantification of parametric influences as measures of sensitivity [128].
[bookmark: _Toc118319774][bookmark: _Toc289175829]Experimental Results and Discussion
[bookmark: _Toc118319775]Flow Boiling Transient Critical Heat Flux		
The steady-state boiling curves up to the CHFs were obtained by plotting the heat flux relative to the wall superheat () at mass flows of 300 kg/m2s and 1,000 kg/m2s as shown in Figure 10. The transient CHFs at identical flow conditions (mass flow and thermodynamic quality) are also shown in the figure. In Figure 10 (a), three power pulses (transients 1–3) induced premature CHFs, when the CHFs were lower than the steady-state CHF. Under a steady-state flow boiling condition, premature CHF occurred due to the boiling instabilities introduced by flow fluctuation and restriction, low-frequency oscillation, low inlet subcooling, unstable pressure fluctuation, and narrow flow channel [71, 129, 130]. As the 
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[bookmark: _Ref110599361][bookmark: _Toc118319848]Figure 9. Nodalization diagram of RELAP5-3D model [60].



steady-state flow condition stably induced CHFs in the repeated experiments, it was inferred that insufficient transient power insertion initiated the transition from the nucleate to the stable film boiling regime. In the nucleate boiling initiated in a quasi-steady-state manner, effective bubble growth and detachment prompted by the forced turbulent convective forces stabilized the boiling process and prevented the coalescence of bubbles into the vapor film.

In contrast, a sudden initiation of nucleation caused by pulsed power input incurred a sharp temperature gradient in the solid–liquid interface, activating bubble growth in an enlarged number of nucleation sites without fully developed convective forces [130]. With the tested transient power pulses, the rapid vapor formation rate resulted in bubble coalescence, formulating a stable transition to the film boiling regime. However, insufficient power transients could initiate a premature transition to the film boiling regime. No premature CHFs were observed from the 1,000 kg/m2s mass flow condition under the given power pulses. Therefore, it was concluded that HSN induced the increased wall superheating resulting from the transient CHFs.

Figure 11 shows the typical cladding heat transfer process and the experimental boiling curve due to pulsed power input. During the initial power insertion, cladding temperature rapidly rises through HSN. It causes a boiling crisis and a transition to the film boiling regime with a concomitant wall superheat increase up to ~1,000 K. With a sufficient supply of coolant, the film boiling regime is sustained until the liquid quenching begins near 650 K, rapidly cooling the heated cladding surface while prompting heat transfer to the coolant. Two peaks on the heat flux curve represent the heat flux rise due to the DNB and the collapse of film boiling and complete surface rewetting. 


(b)
(a)

[bookmark: _Ref68879164][bookmark: _Toc118319849]Figure 10. Steady-state boiling curves and transient CHFs at mass flows: (a) 300 kg/m2-s and (b) 1,000 kg/m2-s (P = 84 kPa).


The experimental data showed a linear proportionality of the PCT to the measured CHF. The film boiling regime's duration depended on the CHF and PCT: a higher PCT induced a more prolonged duration until the rewetting point. Following the procedure introduced in a previous study [15], prototypical transient boiling curves were constructed using the experimental measurements: CHF, rewetting point, maximum attainable heat flux during liquid quenching, and the onset of single-phase convection, as shown in Figure 12. In a later section, these measured points are compared with the best-estimate cases from the RELAP5-3D simulations. For both flow conditions, neither rewetting heat fluxes nor maximum attainable heat fluxes with liquid quenching showed significant variation for the CHF and the power pulse. Rewetting heat flux and temperature showed only a 25% and 15% relative standard deviation (RSD) for low-mass-flow cases and 30% and 26% RSDs for high-mass-flow cases. The RSD for maximum attainable heat flux due to liquid quenching was only 15% for both heat flux and temperature in low-mass-flow conditions.

However, the rewetting temperature increased with a rising PCT for the pulses [131]. A similar trend was also observed in a high-mass-flow condition, except for transient 8. It was also observed that the rise in PCT did not affect the maximum surface heat flux at a given measurement point. However, the maximum surface heat flux may vary depending on the downstream spatial location [132]. Comparing two flow conditions, the superheats at the onset of film boiling collapse increased due to the mass flow and inlet subcooling. The results also showed that the rewetting shifted to a higher temperature and heat flux with the increased mass flow and coolant subcooling [133].
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[bookmark: _Ref68879192][bookmark: _Toc118319850]Figure 11. Transient 9: (a) Typical transient boiling heat transfer process behavior (b) boiling curve.



[bookmark: _Toc118319776]Transient CHF prediction
[bookmark: _Hlk68170324][bookmark: _Hlk68170274]Transient accident scenarios like RIAs trigger the reactor power to increase exponentially as a function of , where  is the exponential period depends on the reactivity insertion. Recent transient CHF studies revealed the dependency of the exponential period  in both pool and flow boiling experiments. Previous transient boiling studies showed higher CHFs resulting from faster transient power insertions [66, 68-70, 72, 73, 125]. Transient boiling studies adopted the exponential function with the exponential period  to simulate power insertion under RIAs, which showed an increasing  ratio with decreasing . Sakurai explained three distinct mechanisms for transient CHF with an exponential period [125]. For very short exponential periods, the direct transition from single-phase conduction to film boiling is prompted by HSN, and the boiling initiation heat flux equals CHF. For longer exponential periods, the CHF is an extension of the FDNB regime on the boiling curve. The CHF increases with a decrease in the exponential period induced by the time lag of the hydrodynamic instability. For the exponential periods between the mechanisms mentioned above, the CHF occurs due to the instantaneous levitation of coolant near the heated surface by HSN before it occurs in the FDNB regime. Such empirical correlations were built based on experimental data for saturated CHFs (Eq. 6: ) and subcooled CHFs (Eq. 7: ), which are in the exponential period and subcooling ranges of this study:
	
	
	[bookmark: _Ref68879749]Eq. 8

	
	
	[bookmark: _Ref68879758]Eq. 9



Although the current study adopted different heating rates, the exponential periods were quantified by fitting the power density curve to the peak into the 
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[bookmark: _Ref68879209][bookmark: _Toc118319851]Figure 12. Steady-state boiling curves and prototypical transient boiling curves at mass flows: (a) 300 kg/m2s and (b) 1,000 kg/m2s (P = 84 kPa).


exponential function. Estimated exponential periods from the experimental data lie in the range of HSN-induced CHFs. Figure 13 shows the experimental data compared with Sakurai’s empirical pool boiling CHF correlations. Note that the transient CHF value from the previous study is considered as shown (300 kg/m2s mass flow, 0.0068 equilibrium quality, 14.5×109 W/m3 power pulse peak, 0.085 s exponential period) to show the potential material implications under the transient. The FeCrAl transient CHF cases have very similar flow conditions to low mass-flow cases. Transient 1~3 CHF data are not used for the following analysis, as the   ratio is less than one. The experimental CHFs show relatively good agreement with the empirical correlation of the subcooled CHFs, as the measured CHFs are in subcooled conditions. Figure 13 also contains the best-fitted empirical correlation from the experimental data from this study:
	
	
	[bookmark: _Ref68879777]Eq. 10



The best-fitted correlation (Eq. 8) shows similar  behavior under the tested exponential periods, indicating the limited implications of system pressure under the transient. Notably, the FeCrAl transient CHF data show good agreement with both empirical correlations. Overall results highlight exponential periods’ significance and accurate steady-state CHF predictions for predicting transient CHF. They also imply that the transient flow boiling CHFs can be predicted with HSN models under the tested flow conditions.

Recent studies from Hata et al. suggested an empirical transient CHF correlation based on the steady-state CHF correlation using the exponential period under flow boiling conditions [68-70]. A transient multiplier based on the exponential period was applied to the steady-state CHF value to quantify the transient CHF, which showed good agreement over a wide range of tube geometries, heated lengths, pressures, and inlet subcooling (. This study applied an identical approach to the steady-state and transient CHF data. First, the steady-state correlation (Eq. 9) was verified with steady-state CHF data at two flow conditions and atmospheric pressure [69]. The predicted steady-state CHFs showed 4.6% and 6.7% variations from the measured CHFs for 300 kg/m2-s and 1,000 kg/m2-s.
	
	
	[bookmark: _Ref68879815]Eq. 11



where are boiling number, surface tension, Weber number, Reynolds number, and nondimensional inlet subcooling, respectively. The  constants are 0.082, 0.53, and 0.7.

Hata et al. constructed an empirical transient CHF correlation with a nondimensional CHF multiplier based on the exponential period and dimensionless characteristic length associated with Taylor instability, as shown in Eq. 10 [69]. The experimental data in their study were collected in different flow conditions. Hence, new constants corresponding to the experimental CHF data were acquired for the system code implementation.  
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[bookmark: _Ref68879220][bookmark: _Toc118319852]Figure 13. The relation between  and exponential period for 316-SS at two distinct flow conditions and for a FeCrAl alloy at atmospheric pressure with pool boiling empirical correlations and a best-fitted empirical correlation.




	
	 
	[bookmark: _Ref68879830]Eq. 12



Transient CHF data points at each flow condition with a steady-state CHF were power fitted against the nondimensional exponential periods. The low-mass-flow cases showed reduced susceptibility of the exponential periods to transient CHFs compared with the high-mass-flow cases, as shown in Figure 14. Mass flux and extremely low subcooling were expected to contribute to the lower CHF enhancement in the given exponential periods for low-mass-flow cases. Figure 14 (a) shows the best-fit correlation for transients 4 and 5 and the FeCrAl case. The addition of the FeCrAl CHF case further reduced the susceptibility of the exponential period to the transient CHF. However, it highlighted the significance of accurate steady-state CHF prediction, as the predicted transient CHFs depended greatly on the steady-state CHFs. Figure 14 (b) shows the enhanced susceptibility of the exponential periods to the transient CHFs under increased subcooling and at a higher mass flow rate.








[bookmark: _Toc118319826]Table 3. Constants for nondimensional transient CHF multiplier
	
	Constant A
	Constant B

	Transient 4, 5
	3.729
	1.393

	Transient 4, 5, and FeCrAl
	0.473
	0.379

	Transient 6 ~ 9
	113.996
	1.555

	Hata et al. [69]
	11.4
	0.6





(b)
(a)

[bookmark: _Ref68879240][bookmark: _Toc118319853]Figure 14. The relationship between transient CHFs and exponential periods at two distinct flow conditions at atmospheric pressure with flow boiling empirical correlations.


[bookmark: _Toc118319777]Simulation Results and Discussion
[bookmark: _Toc118319778]Transient CHF Multiplier Implementation with Model Calibration
Current system codes predict CHF using steady-state CHF correlations, which assume hydrodynamic instability induced CHF. The transient CHF multiplier acquired in the work described in the previous section was implemented in a RELAP5-3D simulation to account for CHF enhancement due to the exponentially increasing power. As a large reactivity insertion can induce an exponential period as small as 1 ms, introducing a method to account for the implications of transient CHF will enhance the thermal-hydraulic behavior of fuel under the transient scenarios. Figure 15 and Figure 16 show the experimental cladding temperature response to transient power insertion with RELAP5-3D simulated results. The power pulses shown in Figure 8 are implemented to simulate transient flow boiling. The figures contain three distinct RELAP5-3D results. First, the default results show the uncalibrated RELAP5-3D simulation results using the default heat transfer models in the system code. The CHF multiplier results show the enhanced temperature prediction after implementing a CHF multiplier acquired from the previous flow boiling transient CHF correlations. Finally, the calibrated results show the adjustments made to the heat transfer models with the calculated CHF multiplier. Note that the thermal properties of 316-SS are linearly dependent on the temperature. In the calculations, thermal properties were extrapolated beyond the failure point to quantify the PCT prediction differences and to observe the post-CHF prediction of RELAP5-3D simulations.

Under the transient power insertion, all simulated cases overpredicted the PCT. PCT was the figure of merit selected in this demonstration calibration, but other figures of merit, like time at temperature, could also be relevant. All cases except the FeCrAl case and transient 6 exceeded the failure point of 1,673 K with power pulses. The PCT overshoot was induced from the CHF underprediction. Implementing the CHF multiplier mitigated the cladding failure for high-mass-flow cases by improving the temperature behavior predictions. However, the CHF multiplier implementations did not significantly improve temperature predictions, as shown in Figure 15. Implementation of the CHF multiplier did not significantly impact either the 316-SS or the FeCrAl alloy cladding at low mass flow. For high-mass-flow cases, significantly improved PCT predictions are observed with the implementation of transient CHF multipliers, as shown in Table 4 and Figure 16. While low-mass-flow cases showed less than 2% improvements in PCT prediction, high-mass-flow cases showed an average of 24.6 % improvement by implementing the transient CHF multiplier.

Note that the low-mass-flow simulations have a rewetting point at ~1,000 K, and high-mass-flow simulations have a rewetting point at ~700 K, both of which were derived from the RELAP5-3D reflood model using the modified Weisman correlation. Low mass flow resulted in an increased transition heat transfer coefficient acquired from the correlation, which overpredicted the rewetting temperature compared with the experiments. On the other hand, the model predicted the transition boiling heat transfer coefficient and rewetting point well for high-mass-flow cases, with an adjusted film boiling heat transfer coefficient. It is confident that the implementation of a CHF multiplier improved temperature prediction while maintaining a conservative PCT. The model uncertainties from the transition boiling regime and the film boiling regime contributed to insufficient temperature predictions and inaccurate predictions of the post-CHF responses compared with the experimental results. Transition boiling and film boiling multipliers were calibrated to best match the experimental results, as shown in 
Table 5.

[bookmark: _Ref68879339]




[bookmark: _Toc118319827]Table 4. Comparison of PCTs of experimental results and RELAP5-3D predictions
	
	Experiment
	RELAP5-3D (Default)
	Difference
	RELAP5-3D
(CHF Multiplier)
	Difference
	Improvement

	Transient 4
	1,386 K
	1,838 K
	32.6 %
	1,837 K
	32.5%
	0.1 %

	Transient 5
	1,494 K
	1,955 K
	30.8 %
	1,950 K
	30.5 %
	0.3 %

	FeCrAl
	1,129 K
	1,602 K
	41.9 %
	1,586 K
	40.5 %
	1.4 %

	Transient 6
	801 K
	1,568 K
	95.7 %
	1,370 K
	71.1 %
	24.6 %

	Transient 7
	1,115 K
	1,886 K
	69.2 %
	1,632 K
	46.4 %
	22.8 %

	Transient 8
	1,300 K
	2,139 K
	65.6 %
	1,829 K
	40.7 %
	24.9 %

	Transient 9
	1,449 K
	2,255 K
	55.6 %
	1,873 K
	29.2 %
	26.4 %



(a)
(b)
(c)

[bookmark: _Ref68879280][bookmark: _Toc118319854]Figure 15. Experimental cladding temperature response to transient power insertion and RELAP5-3D simulated results for the (a) transient 4, (b) transient 5, and (c) FeCrAl cases (
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[bookmark: _Ref68879283][bookmark: _Toc118319855]Figure 16. Experimental cladding temperature response to transient power insertion and RELAP5-3D simulated results for the (a) transient 4, (b) transient 5, and (c) FeCrAl cases (



In low-mass-flow cases, large transition boiling multipliers were used to reduce the overall temperature of the heated surface. However, the film boiling heat transfer coefficients were reduced to match the temperature behavior from the PCT to the collapse of film boiling. Compared with the experimental results, an enhanced transition boiling heat transfer coefficient led to a rapid temperature drop from the rewetting. In high-mass-flow cases, transition boiling heat transfer coefficients were enhanced to transient pulses to best match the PCT. For transient 6, the film boiling regime was not sustained because of the rapid heat transfer from the coolant with a relatively low power pulse. To match the post-CHF behavior, the film boiling heat transfer coefficient was enhanced to a high value compared with the other cases. With increasing power, film boiling heat transfer coefficients were reduced to near 0.3, following the same trend as in the low-mass-flow cases. 
[bookmark: _Toc118319779] Sensitivity Study of Transient Flow Boiling
To quantify the effects of boiling parameters and material properties during the transient power insertion, the cladding temperature was identified as the key figure of merit for the sensitivity analysis. The cladding temperature is the key parameter determining the material integrity in the boiling environment. The input parameters considered were forced convection heat transfer coefficient, nucleate boiling heat transfer coefficient, CHF, transition boiling heat transfer coefficient, film boiling heat transfer coefficient, and material thermal conductivity and heat capacity. The range of parametric perturbation was determined from the experimental uncertainties and the RELAP5-3D model uncertainties. From the experimental loop, forced convection had 2% uncertainty. Experimental uncertainties in nucleate boiling, CHF, and film boiling were 10%, 12%, and 20%, respectively. The most conservative uncertainty ranges were selected for each parameter based on three repeated experiments for each transient. The Chen 
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[bookmark: _Toc118319828]Table 5. Heat transfer coefficient multipliers for the best match cladding temperature behavior.
	
	Multiplier
	PCT difference

	
	Transition boiling
	CHF
	Film boiling
	

	Transient 4
	4.2
	1.167
	0.2
	0.3 %

	Transient 5
	3.8
	1.208
	0.2
	0.4 %

	FeCrAl
	3.9
	1.188
	0.3
	2.2 %

	Transient 6
	2.0
	1.084
	2.8
	10.9 %

	Transient 7
	2.5
	1.130
	1.5
	9.2 %

	Transient 8
	2.9
	1.203
	0.8
	5.7 %

	Transient 9
	2.9
	1.412
	0.35
	3.6 %





transition boiling model includes a 16% deviation from the experimental data used to develop the model [134]. Finally, the 316-SS and FeCrAl alloy had measurement uncertainties of 5% and 7% for thermal conductivity and heat capacity, respectively [135, 136]. Manufacturing uncertainties for claddings were not considered in this study.

The results of the Sobol sensitivity analysis of the effects of transient flow boiling heat transfer regimes and material properties are shown in Figure 17. The data are the results of 249 RELAP5-3D/RAVEN sample runs. At a low-mass-flow condition, the volumetric heat capacity of the material is the key parameter dictating the evolution of the temperature overshoot during the transient. The implications of increasing power input can be observed for a high-mass-flow condition. 

The key parameter impacting the PCT is again the volumetric heat capacity. However, the small impact of flow boiling heat transfers can be observed owing to the enhanced heat transfer from the coolant with low power transients. The influence of forced convection heat transfer and nucleate boiling heat transfer decreased with increasing power input, implying a diminishing influence of flow with increasing power transient and highlighting the importance of material volumetric heat capacity.
[bookmark: _Toc118319780]Impact of Transient CHF Multiplier on RIA
An RIA that occurs under HZP conditions is expected to be limiting. With an extremely short power pulse, the coolant near the fuel system experiences a rapid transition from forced convection to the film boiling regime via a transient CHF. The transient CHF multiplier was implemented in the RELAP5-3D RIA simulation. Figure 18 shows the relative power pulses during the HZP under an 
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[bookmark: _Ref68879361][bookmark: _Toc118319856]Figure 17. Variance-based global sensitivity results (a)  cases and (b)  cases.

RIA transient for UO2-Zircaloy 4 and UO2-FeCrAl fuel systems, which were calculated from the 3D core kinetics [57]. These power pulses were applied to the RELAP5-3D generic PWR models to observe the impacts of the transient CHF multiplier on the DBA [59].

The exponential periods were evaluated based on the full width at half-maximum of the pulses by fitting the half-width pulse curves into an exponential curve. The evaluated exponential periods, 5.87 ms and 4.59 ms for UO2-Zircaloy 4 and UO2-FeCrAl, respectively, were used to quantify the CHF multipliers in both pool and flow boiling transient CHF correlations (Eq. 7 and Eq. 10). Note that the thermal-hydraulic conditions at which these empirical correlations were constructed differed from the typical PWR HZP condition. For example, the flow boiling correlations were developed under lower pressure than normal PWR operating conditions. However, they were applied in a scoping study to show the potential magnitude of accounting for transient CHF. Except for the pressure, the RELAP5-3D generic PWR model had inlet subcooling and flow velocity () similar to the conditions under which the correlation was acquired. The transient CHF multipliers calculated from the exponential periods are shown in Table 6. Thermal-hydraulic parameters in the flow boiling correlation were acquired based on the steady-state PWR HZP condition prior to the transient. Under the same exponential period, the flow boiling correlation had higher transient CHF multiplier values than the pool boiling correlation, as it accounted for the flow velocity and had large constant values for the nondimensional transient CHF multipliers based on the experimental data.
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[bookmark: _Ref68879376][bookmark: _Toc118319857][bookmark: _Ref68879563]Figure 18. Relative power as a function of time for RIA [57, 59].

[bookmark: _Toc118319829]Table 6. Exponential periods and transient CHF multipliers for RIA.
	
	UO2-Zircaloy 4 fuel system
	UO2-FeCrAl fuel system

	Exponential period,  (ms)
	5.87
	4.59

	Pool boiling CHF multiplier (Eq. 9)
	1.84
	2.00

	Flow boiling CHF multiplier (Eq. 12)
	2.29
	2.66





An in-depth RELAP5-3D model description for the generic PWR HZP RIA simulation from the literature [59] was used for this study. The reactor consisted of a pressure vessel, two primary loops with once-through steam generators, pumps, pressurizers, and valves. The core was modeled by five channels connected by the crossflow junctions and a bypass channel. The fuel conditions were at the beginning-of-cycle with 2,700 MWth output, 15.51 MPa system pressure, and 553 K inlet coolant temperature. Ten equal-height axial nodes were used to represent the 3.568 m fuel height. In this demonstration, the Groeneveld look-up table was used for the CHF prediction method in the RELAP5-3D model to implement the transient CHF multiplier consistently.

Figure 19 shows the RELAP5-3D simulation results for the maximum fuel centerline temperature behavior and the maximum cladding surface temperature responses during the HZP RIA scenario. With increased CHF, simulations with pool and flow boiling transient CHF multipliers show reduced maximum fuel and cladding temperatures relative to the base models for both claddings. For the UO2-Zircaloy 4 fuel system, the maximum fuel centerline temperatures show limited sensitivity to the CHF multipliers. The fuel temperature rise was mainly driven by the transient power pulse and insufficient heat transfer to the coolant due to the CHF and post-CHF behavior. The fuel temperature responses for the UO2-FeCrAl fuel system show enhanced significance compared with the UO2-Zircaloy 4 fuel system, as higher thermal conductivity and the reduced thickness of the FeCrAl cladding improved the fuel-to-coolant heat transfer.

All simulation results showed the PCT locations at subcooled film boiling regimes with different temperature responses to the transient pulses. The PCTs for the base models were predicted at 1,042 K and 1,318 K for the UO2-Zircaloy 4 and UO2-FeCrAl fuel systems. The base model Zircaloy 4 cladding showed a rapid cladding surface temperature rise driven by the power pulse, which quickly cooled down to ~700 K. The base model FeCrAl cladding preserved the high temperature from the reactivity insertion for longer than the Zircaloy 4 cladding base model. Rapid cladding surface temperature rises driven by the power pulse inputs were not observed in the implementation of transient CHF multipliers for both claddings. Enhanced transient CHFs reduced the predicted PCTs in the models. The predicted PCTs for the Zircaloy 4 cladding were 789 K and 788 K for pool and flow boiling CHF correlations, respectively. The predicted PCTs for the FeCrAl cladding were 930 K and 924 K for pool and flow boiling CHF correlations, respectively. Implementation of transient CHF multipliers reduced the PCTs by 24% and 29% for Zircaloy-4 and FeCrAl claddings, respectively. The pool and flow boiling correlations did not significantly differ in PCT predictions for either cladding. Still, the flow boiling correlations resulted in lower PCT predictions with higher CHF multipliers. The results highlighted the sensitivity of the PCT to the transient CHF multiplier under the transient scenario. While the base case showed temperature responses below the critical point, the simulation showed that the fuel system might experience less severe thermal-hydraulic conditions during the RIA. Therefore, it is essential to acquire experimental data at corresponding thermal-hydraulic conditions and representative pulse inputs to predict the temperature behavior more accurately relative to the exponential periods [137]. It is recommended that a reflood model to be developed at the corresponding system pressure to better predict the fuel system response to the power transients. 
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[bookmark: _Ref68879388][bookmark: _Toc118319858]Figure 19. Impact of CHF multiplier on (a) peak fuel centerline temperature, (b) peak cladding surface temperature during simulated reactivity-initiated accident.
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FeCrAl cladding mechanical failure analysis during RIA
	A version of this chapter was originally published by S. K. Lee et al. [23, 138]:
	S. K. Lee, B. E. Garrison, N. A. Capps, G. Pastore, C. P. Massey, K. D. Linton, N. R. Brown. “BISON Validation of FeCrAl Cladding Mechanical Failure During Simulated Reactivity-Initiated Accident.” Journal of Nuclear Materials 564 (2022): 153676. 
	S. K. Lee, B. E. Garrison, N. A. Capps, G. Pastore, C. P. Massey, K. D. Linton, N. R. Brown. “BISON Validation and Sensitivity Study of FeCrAl Cladding Burst During Simulated RIA Conditions.” TOPFUEL Raleigh, NC, USA, October 9-13. 2022.
[bookmark: _Toc118319782] Motivation
The Fukushima Daiichi station blackout accident in 2011 stimulated the nuclear community to pursue reactor safety performance enhancements [12, 13, 139, 140]. In response to the 2011 accident, accident-tolerant fuel (ATF) materials are now being developed to strengthen safety in nuclear power during normal operation and to extend the coping time during accident scenarios. These materials would replace the conventional UO2-Zircaloy fuel system in light water reactors (LWRs). The FeCrAl alloy was demonstrated to be a strong candidate as an ATF cladding material because of its excellent high-temperature oxidation resistance [141, 142], stable irradiation tolerance [143, 144], and enhanced rupture and ballooning behaviors [145, 146]. However, there have been limited safety evaluations of FeCrAl cladding during a postulated reactivity-initiated accident (RIA).

An RIA is a postulated design basis accident, typically induced from a rapid reactivity insertion caused by a control rod ejection in pressurized water reactors or a control blade drop in boiling water reactors (BWRs). The sudden absence of a control rod can initiate super-prompt criticality, introducing exponential power escalation in tens of milliseconds [57]. Such power escalations cause a near-adiabatic fuel temperature rise which causes thermal expansion of the UO2 pellet. These phenomena lead to dynamic mechanical loadings on the inner cladding surface. This phenomenon is called pellet-cladding mechanical interaction (PCMI). The potential cladding failure from the rupture is anticipated because the biaxial stress from the PCMI loadings causes cladding to reach the critical strain or stress [119, 147, 148]. During the RIA, unique biaxial loads on the cladding surface result in a low burst strain biaxiality () and a high burst strain rate that ranges from 1 to 5 s-1 [119, 149]. This complex interaction between the pellet and the cladding must be handled with computational tools for reliable fuel rod safety evaluation and accident progression predictions during RIA scenarios.

A separate effects test system called a pulse-controlled modified burst test (MBT) system was developed to investigate the cladding failure behavior from transient mechanical loadings relevant to RIA conditions. A series of tests exhibiting various RIA-relevant time scales generated valuable burst behaviors for the C26M FeCrAl alloy cladding [46], which were analyzed with a digital image correlation (DIC) analysis that quantified deformation and failure responses. The first part of this study aimed to package the high-fidelity DIC data for use with BISON or other fuel performance analysis tools for code validation.
BISON is a finite-element fuel performance analysis tool developed at Idaho National Laboratory. The verification and validation efforts initially focused on normal operating conditions [100, 107] of conventional LWR fuels and expanded to design basis accident scenarios, including loss of coolant accidents [150, 151] and RIAs [152, 153]. Implementing material-specific models at test-relevant temperatures is necessary to capture the complex material response during PCMI loadings. Therefore, specific materials used in the MBTs were modeled in the BISON thermomechanics analysis framework. The code validation of the separate effects cladding burst tests was performed with newly-developed models, comparing the calculated results with the procured data from the DIC analysis. The complementary comparison of MBT experiments and simulation results provides a basis for using the BISON code to simulate RIA scenarios with FeCrAl cladding. In addition, sensitivity analysis was performed on one of the MBT tests using the BISON model. Sensitivity analysis is designed to assess the implications of inherent experimental and computational model uncertainties on cladding failure behaviors during RIA-relevant PCMI loading.
[bookmark: _Toc118319783]Analysis Methodology
[bookmark: _Toc118319784]MBT Mechanical Failure Analysis
The MBT was initially developed to characterize nuclear fuel cladding failure behavior under rapid loading conditions in LWR hot zero-power (HZP) RIA conditions [154, 155]. The pulse-controlled MBT experiments were conducted at Oak Ridge National Laboratory, and the technique was proven to simulate the strain-driven behaviors at RIA-relevant time scales [46, 47, 156, 157]. However, the current MBT technique is limited to testing unirradiated fresh cladding samples; therefore, this study does not capture radiation and pellet hour-glassing effects. However, this unique system uses a driver tube to provide uniform strain type deformation from pellet expansion and offers user-controllable PCMI loading rates. As shown in Figure 20, the MBT setup comprised test specimens heated by ceramic heaters and surrounded by mirrors and a telecentric lens. During the experiments, a high-speed camera captured images of specimen projections at a 10,000 Hz frame rate, which was analyzed via the DIC method. Details of the test setup are provided in previous studies [46, 47, 156, 157]. The age-hardened Inconel 718 alloy was machined as the driver tube containing the hydraulic oil, which was rapidly pressurized. The thin-walled region of the driver tube was mechanically expanded, simulating the expansion of a fuel pellet, which triggered a mechanical interaction and strain-driven deformation in the cladding like the fuel PCMI during RIAs. The thin-walled region in the Inconel driver tube has a 3.68 mm inner radius and a 4.14 mm outer radius. The fresh nuclear-grade C26M FeCrAl alloy claddings ( Table 7 )—which were 25.4 mm tall, had an inner radius of 4.35 mm, and had an outer radius of 4.74 mm—were subjected to MBT tests at various pressurization rates. This C26M alloy has a composition similar to the lead test rods in the Hatch BWR [158]. A 0.2 mm radial gap between the driver tube and the cladding was filled with alumina ceramic adhesive to achieve a tight fit before each test.

Pressurization rates were designed to simulate RIA-relevant energy deposition rates of LWRs. MBTs simulated transient pulse widths from 20 ms to 500 ms, which are similar to transient pulse widths of the US Power Burst Facility and French CABRI research reactor (∼20 ms), of LWRs (∼50 ms), and the Transient Reactor Test Facility (∼100 ms) [159, 160]. Prior to the test, separate temperature measurements along the test specimen were made to quantify axial and azimuthal temperature variations. Twelve thermocouples spanning the cladding outer circumference at every 90° angle at the bottom, middle, and top of the cladding measured steady-state temperature. The steady-state temperature was controlled by a control thermocouple positioned at the bottom of the test specimen. Along the 25.4 mm cladding length, a temperature variation of ∼50 K 
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[bookmark: _Ref85228180][bookmark: _Toc118319859]Figure 20. PC MBT DIC analysis setup [46].
[bookmark: _Ref85381959]

[bookmark: _Ref87526035][bookmark: _Toc118319830]Table 7. FeCrAl test specimen composition [46].
	Alloy
	Fe
	Cr
	Al
	Mo
	Si
	Yt
	Other

	C26M
	Bal.
	11.87
	6.22
	1.98
	0.2
	0.03
	<0.01 C < 0.005 S





was observed with a small azimuthal temperature variation, as shown in Figure 21. Using a control thermocouple, a constant temperature profile boundary condition was applied throughout the tests.

Until bursting, the cladding deformation behaviors during tests were analyzed with DIC engine (DICe) software developed at Sandia National Laboratories [161]. A group of pixels, called subsets, contains unique grayscale intensity information tracked in image sequences through temporal matching and correlation functions, thereby computing full-field displacements and strains. The subset size is selected to maximize spatial resolution while containing at least three speckles to the DIC analysis rule of thumb [162, 163]. A parametric sensitivity analysis on DIC parameters showed saturated strain data with ∼10,000 subsets per digital image taken from the MBT tests. Each subset produced minimal computational uncertainties from noise and interpolation bias with a calibrated set of DIC parameters with an average predicted displacement variation of 0.04 pixels.

As shown in Figure 22, all four projections of the test specimen were selected as a region of interest for the full-field DIC analysis. In a previous study, DIC analysis focused on highlighting cladding failure behavior at burst locations [46]. This study's full-field DIC analysis highlights overall cladding deformation behaviors and quantifies the averaged mechanical data for the nuclear fuel performance code validation. A uniform mechanical deformation is often assumed until the failure limit is met in fuel performance model simulations. Hence, deformation and mechanical failure behaviors predicted by fuel performance codes, such as BISON, can be validated by comparing simulated results with the averaged experimental displacement data. Direct comparison 
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[bookmark: _Ref97206042][bookmark: _Toc118319860]Figure 21. Axial temperature variation.



between burst location DIC analysis and full-field DIC analysis results showed identical elastic deformation but appreciably different results near burst.

Full-field DIC analysis averaged strain data, resulting in smaller burst hoop strain and strain rate relative to the local burst location. The strain data calculated from ∼10,000 subsets were parsed into equal axially spaced bins and averaged across four projections, which provided data representative of a 360° view of the cladding specimen. The data analysis produced the average hoop and axial strain data with associated standard deviations. The standard deviation describes the non-uniformity of deformation for a ~1.2 mm axial slab of the cladding specimen. The burst location was identified by comparing average hoop strain values, which showed bursts originated near the middle of the cladding specimen in the axial direction. The MBT produced four 2D projections, showing a 360° view of the 3D circumferential test specimen.

As 2D DIC analysis calculates strains based on x- and y- direction displacements, the computational uncertainty may increase toward the left and the right edges of 2D projections. Hence, the projected width of cladding for DIC analyses was varied to identify possible bias in strain data. Figure 23 shows the hoop strain standard deviation for cladding projected width from 20 to 140 pixels throughout the test. The variation in standard deviation is negligible during elastic deformation (frames 0–800), which implies unbiased digital image qualities of 2D projections and ensures the high-fidelity displacement and strain data calculated from images. Increasing variation in standard deviations from frame 800 can be observed until the burst in frame 993 due to plastic deformation. The maximum available cladding projected width of 140 pixels showed a higher standard deviation at the burst frame compared with those of narrower projected widths, capturing deformation behaviors at the edges of the specimen. The maximum 
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[bookmark: _Ref85232735][bookmark: _Toc118319861]Figure 22. Mirrored projections of an FeCrAl cladding sample. The region of interest is shown in green for the full-field DIC analysis. The axial length of left- and right- most projections are slightly shorter and have fewer axial bins relative to middle projections due to the angle of mirrors.
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[bookmark: _Ref85246299][bookmark: _Toc118319862]Figure 23. Cladding width sensitivity for average strain quantification.


available cladding projected width was used for the data quantification, fully capturing the strain behavior across the full cladding projected width.
[bookmark: _Toc118319785]MBT BISON Simulation
BISON was used to simulate the separate effects tests performed on C26M FeCrAl alloy cladding. The MBT test was modeled in BISON to predict the cladding deformation behavior during HZP RIAs. Simulations of separate effects tests aim to assess and validate cladding deformation models at various pressurization rates. 

The 2D BISON model of the MBT setup is comprised of the Inconel driver tube, adhesive layer, and FeCrAl cladding. The pressure measured during each test was applied to the driver tube inner wall as a time-dependent Dirichlet boundary condition. Atmospheric pressure was applied to the outer cladding wall. Applied pressure on the inner wall deforms the driver tube outward due to the pressure difference from the outer wall. The ceramic heating was simulated by a temperature boundary condition applied to the outer cladding wall. A 12.7 mm thin-walled region of the driver tube and the cladding was simulated with bounding thick-walled regions at the bottom and the top. 

The MBT uses the pressure-induced stress from the hydraulic oil to the driver tube and the cladding. Therefore, the driver tube must be accurately modeled to correctly predict the stress propagating from the driver tube to the cladding. For the Inconel driver tube, thermal properties from the Metallic Materials Properties Development and Standardization Handbook—07 (MMPDS-07) were used [164]. The elastic mechanical properties were obtained from the MMPDS-07 and other literature [164-167]. The temperature-dependent inelastic deformation model was developed using the available Inconel 718 tensile test data at 473 and 673 K [165]. These tensile tests were conducted on commercially available Inconel 718 alloy sheets at a strain rate of 0.01 s-1. First, the driver tube mechanical model was validated by a bare driver tube pressurization test at the relevant temperature. During the bare driver tube test, the internal pressure of the driver tube was measured to calculate the hoop stress, which was calculated via Eq. 11, assuming the thin-walled tube approximation:
	
	
	Eq. 13



where  is the radial pressure difference across the driver tube,  is the average radius, and  is the thickness. The elastic mechanical properties agreed well with the MMPDS-07 model. The average hoop strain at the burst location was quantified using the DIC analysis described in Section 4.2.1 and compared with the bare driver tube test BISON simulation, as shown in Figure 24. The burst hoop strain showed a 2% difference from the DIC analysis, and the maximum hoop stress was 12% higher than the thin-wall approximation. Burst strain rates were 1.92 s-1 for the BISON simulation and 3.12 s-1 for the DIC analysis. Overall, the model prediction agreed well with the experiment.

C26M-specific mechanical properties have very limited availability. The C26M alloy has a composition very similar to that of the C36M alloy (Fe-13Cr-6Al-2Mo-0.2Si-0.05Y, wt.%) [168]; therefore, the thermal properties and elastic mechanical properties of the C36M alloy were used for the test specimen. Tensile tests on C26M dog-bone samples showed an elastic modulus similar to the Oak Ridge National Laboratory FeCrAl elasticity model but also indicated different yield and ultimate tensile strength (UTS) [11, 169-171].
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[bookmark: _Ref85407395][bookmark: _Ref85407391][bookmark: _Toc118319863]Figure 24. Bare Inconel 718 driver tube hoop strain comparison of the DIC-analyzed experimental result and the BISON-simulated prediction.



Bell et al. [169] constructed temperature-dependent yield strength and UTS data with fresh C26M tube samples from room temperature to 1075 K. Stress-strain curves from the C26M tube plane strain tension (PST) tests were incorporated to model the temperature-dependent C26M plastic behavior from the yield strength to UTS [169, 171]. In addition to the elastic and plastic models, FeCrAl creep and thermal expansion models were added to the BISON simulation. However, the implications of thermal creep and expansion on inelastic stress calculation were extremely low at such a low temperature and fast transients. The cladding failure criterion followed the UTS criterion, comparing the hoop stress with the measured UTS of C26M alloy. The mechanical contact between a tube and alumina ceramic adhesives is modeled using the MOOSE (Multiphysics Object-Oriented Simulation Environment) contact module [172] with the ‘glued’ contact option, which assumes slip between the nodes does not occur during contact. It is assumed that the gap between the driver tube and the cladding is filled with alumina ceramic (Al2O3), which has elastic behavior up to the flexural strength [173]. The 25.4 mm length test specimen was simulated in 2D to account for the implications of ∼50 K temperature variation along the specimen and of possible deformation in the thick-wall region. The mesh segment of MBT is presented in Figure 25, showing half of the thin-wall region. A mesh density study has verified the spatial convergence of the calculation.
[bookmark: _Toc118319786]MBT BISON Sensitivity Analysis
Transient experiments and data acquisition techniques have inherent experimental uncertainties. BISON results show close agreement with experimental results in Section 4.3.2, but they inherently contain experimental and computational model uncertainties. Therefore, an uncertainty analysis was performed to investigate empirical computational model uncertainties impacting burst time, pressure, hoop strain, and hoop strain rate predictions. Sensitivity 
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[bookmark: _Ref85726059][bookmark: _Toc118319864]Figure 25. Mesh segment for MBT.


analysis is only conducted for the 8.86 GPa/s pressurization rate case. The results are expected to be similar regardless of the pressurization rate as BISON predicted similar responses, as shown in Section 4.3.2. This study investigated the uncertainties of material properties and analyzed how those uncertainties impact BISON predictions for cladding burst behavior during a simulated RIA scenario.

Global sensitivity analysis using Sobol variance-based methodology was used to determine the impact of material model uncertainties and their implications on cladding failure predictions. Based on experimental data, normal distribution was used for the experimental uncertainties and mechanical models. A uniform distribution was used for the predeveloped computational models. A convergence study was conducted to acquire fully converged indices for each parameter [174]. The Sobol method produced the first and total indices for each parameter. The first-order index is the influence of a single parameter on the target figure of merit (FOM). Total order shows a combined effect of multiple input parameters to the target FOM. Sample runs were increased until a 95% confidence interval was met for each parameter, representing fully converged results with 60,004 input combinations, as shown in Figure 26 [174]. Sobol sampling and analysis were performed using the Python sensitivity analysis library SALib [175] coupled to BISON. The Sobol method produces first and total sensitivity or Sobol indices for each parameter,
	
	
	Eq. 14

	
	
	Eq. 15


where  and  are the Sobol indices first-order and total effects, respectively,  represents the variance of ,  is the expected  value conditioned 
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[bookmark: _Ref97207184][bookmark: _Toc118319865]Figure 26. Sensitivity analysis convergence study.



on , and  is a set of inputs excluding . The first-order or main effect accounts for the sole influence of a parameter compared to FOMs. The total effect accounts for first-order effects and all interactions involving the parameter.

Table 8 presents the uncertainty range of input parameters considered in the sensitivity study. Experimental uncertainties such as specimen temperature and input pressure, as well as experimentally acquired mechanical strengths and plasticity curves, were sampled from a normal distribution within the uncertainty range. The normal probability density function (PDF) is used as the mean and dispersion were available from experimental measurements, accounting for statistical random errors. Other uncertainty parameters using predeveloped models were sampled from a uniform distribution within the defined uncertainty range. The uniform PDF is considered as no knowledge of mean and dispersion was available. The uncertainty ranges for temperature measurements were acquired from temperature distribution testing. A 2% uncertainty range for the input pressure was used based on data from instrument calibration reports of the pressure transducer and the displacement measuring system. FeCrAl mechanical properties with uncertainties in thermal expansion, elastic modulus, and Poisson’s ratio were derived from empirical models developed by Field et al. [11]. FeCrAl yield and ultimate tensile strengths were obtained from C26M tensile test results [169], and associated uncertainty ranges were obtained from experimental data. Uncertainties associated with the Inconel driver tube [164-167] and the aluminum-oxide adhesives [173] were attained from experimental data and empirically developed models.
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[bookmark: _Toc118319831]Table 8. MBT sensitivity study input parameters
	
	Parameter
	Nominal value
	Uncertainty range
	Distribution

	
	Temperature
	569 K
	± 5 K
	Normal

	
	Pressure
	8.86 GPa/s
	± 2 %
	Normal

	FeCrAl
	Thermal expansion coefficient
	1.0
	± 8 %
	Uniform

	
	Elastic modulus
	183 GPa
	± 3 %
	Uniform

	
	Poisson’s ratio
	0.28
	- 12 % + 6.5 %
	Uniform

	
	Yield strength
	489 MPa
	± 6.5 MPa
	Normal

	
	Ultimate tensile strength
	627 MPa
	± 6.4 MPa
	Normal

	Inconel
	Elastic modulus
	210 GPa
	± 3 %
	Uniform

	
	Poisson’s ratio
	0.30
	± 5 %
	Uniform

	
	Yield strength
	550 MPa
	± 27 MPa
	Normal

	Al2O3
	Elastic modulus
	285 GPa
	± 5 %
	Uniform

	
	Poisson’s ratio
	0.23
	± 6 %
	Uniform

	
	Flexural strength
	250 MPa
	± 50 MPa
	Uniform




[bookmark: _Toc118319787]Analysis Results
[bookmark: _Toc118319788]FeCrAl Failure Behavior under Simulated RIA Conditions
Figure 27 shows the cladding mechanical response to an 8.86 GPa/s pressurization. The driver tube was rapidly pressurized from 17 to 183 MPa in ∼19 ms. From the initial pressurization phase, the driver tube was ballooned to apply biaxial stress to the inner cladding wall. Then, a rapid hoop strain increase was observed before the burst. The standard deviation is associated with the average hoop strain, as shown with a dotted line in Figure 27. The standard deviation at 0.0 s is larger than the average hoop strain because DIC analysis permits negative strains. For instance, the average strain change from the reference frame to the first frame is less than 0.001%. However, negative strain values calculated from the DIC correlations contribute to a relatively large standard deviation.

Standard deviation increases as deformation progresses, rapidly increasing at the burst, representing a locally defected area that exhibits a relatively higher strain than the average, as shown in Figure 28. The small standard deviation shown in Figure 27 from the high spatial resolution analysis represents uniformly deforming test specimens during a rapid pressurization test. Figure 28 compares the cladding mechanical response before pressurization and at burst. The stress distribution is close to uniform, showing uniformly distributed hoop strain in the middle section of the cladding in Figure 28 (b). Compared with the hoop strain, there is a relatively low in-plane axial strain at the burst location, implying a low biaxiality ratio, which is a ratio between the lowest and highest in-plane principal strain components (). Note that localized high hoop strain detected on the upper right edge of the leftmost projection in Figure 28 (e) results from localized shade created from the lighting. Rapid pressurization provided by a piston 
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[bookmark: _Ref85705801][bookmark: _Toc118319866]Figure 27. DIC-analyzed average hoop strain with associated standard deviations and experimentally measured pressure (pressurization rate = 8.86 GPa/s).
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[bookmark: _Ref85444502][bookmark: _Toc118319867]Figure 28. (a, d) FeCrAl cladding projections before pressurization and at burst. DIC-analyzed (b, e) hoop and (c, f) axial strain measurements before pressurization and at a frame before burst (pressurization rate = 8.86 GPa/s).


moving upward slightly moved the test specimen, as shown in Figure 28 (a,d), introducing unaccounted shade to a projection. However, the contrast setting was varied on DIC software along with other parameters. The parametric sensitivity study result confirmed negligible changes in DIC calculations near the cladding thin-walled region.

Table 9 summarizes measured parameters related to mechanical responses of fresh nuclear-grade C26M alloy claddings at burst. The strain-related data shown in Table 9 represent the averaged data where the burst occurred. Calculated hoop strains are immediately before the burst, where the slope is the steepest. Pressures are experimentally measured from the pressure transducer. Figure 29 shows the average hoop strain at burst relative to the normalized axial length of the test specimen. The burst location does not sit precisely in the middle because the ceramic heater generates the axial temperature variation and possible axial pressure difference are generated during rapid pressurization.

[bookmark: _Ref85713076][bookmark: _Ref85791622]Figure 30 shows burst hoop, axial strains, and hoop strain rates relative to pressurization rates. Figure 30 (b) shows that pressurization rates are linearly proportional to hoop strain rates. Hoop strain rates are inversely proportional to pressurization periods. The error bars represent standard deviations for average hoop strains, which tend to decrease with increasing strain rates. The variation in the subsets is lower with smaller burst strains because of the decreasing burst strain concerning the increasing pressurization rate and hoop strain rate. Near the burst, increasing strain rate tends to reduce material ductility. It is due to the strain hardening effect that increases the dislocation generation rate relative to the increasing strain rate. Hence, the strain hardening effect is likely to be more prominent at a higher pressurization rate, which results in reduced in-plane average hoop strain and standard deviation. The axial strain did not show 

[bookmark: _Toc118319832]Table 9. C26M alloy cladding MBT results at burst.
	Pressurization rate (GPa/s)
	Pressurization period (ms)
	Hoop strain (%)
	Hoop strain standard deviation (%)
	Axial strain (%)
	Axial strain standard deviation (%)
	Hoop strain rate (s-1)
	Pressure (MPa)

	[bookmark: _Hlk78966316]0.30
	500
	2.62
	2.13
	0.04
	0.64
	1.01
	175

	1.55
	100
	1.93
	1.57
	0.53
	0.82
	3.41
	175

	3.26
	48
	1.90
	1.28
	0.05
	0.69
	3.91
	179

	8.86
	19
	1.75
	0.86
	0.20
	0.53
	9.54
	183
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[bookmark: _Ref88121846][bookmark: _Toc118319868]Figure 29. DIC analyzed hoop strain at burst.
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[bookmark: _Ref85716422][bookmark: _Toc118319869]Figure 30. (a) Burst hoop and axial strains relative to pressurization rate and (b) hoop strain rate relative to pressurization rate with the least-square fits showing the trends.

meaningful variation in pressurization rates compared with the hoop strain. These trends imply that the biaxiality ratio may increase with increasing pressurization rates.
[bookmark: _Toc118319789]MBT BISON Simulation Results
BISON simulations were conducted using pressurization rates, as shown in 

Table 9. Figure 31 illustrates cross-sectional contour plots of the MBT specimen at burst time, including temperature, hoop, and axial strains, and location where the burst condition is met for the 8.86 GPa/s pressurization rate case. While test results indicate the burst location near the middle of the cladding in the axial direction, BISON simulations predicted the burst at the axial center region of the cladding. Cladding burst temperature is predicted at ∼570 K with a true hoop strain of 1.88%. Axial strain is minor (0.11%) compared to the hoop strain, which tracks the experimental results shown in Table 9.

Figure 32 and Table 10 show comparisons between experimental data and BISON calculations for 4 MBT cases. Time at burst and burst pressure predictions for all cases is ∼10% smaller than experimental results, suggesting a conservative result. It implies conservative calculations in applied stress, with the failure times slightly lower than the experimental results. This implication is captured in BISON calculations; however, the increase in the BISON hoop strain rate as a function of the pressurization rate is considerably higher than the experimental results. BISON did not capture the trend of decreasing hoop strain as a function of increasing pressurization rate. Differences in hoop strain rates and hoop strain could result from the cladding model not capturing strain rate effects.
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[bookmark: _Ref88122355][bookmark: _Toc118319870]Figure 31. Contour plots of temperature, hoop strain, axial strain, and the burst location attained for the BISON simulation of the MBT with pressurization rate of 8.86 GPa/s.

[image: Chart, scatter chart

Description automatically generated]
[bookmark: _Ref85792425][bookmark: _Toc118319871]Figure 32. Experimentally measured parameters from four cases compared with the simulated results at burst with 30% confidence interval.

[bookmark: _Ref88122507][bookmark: _Toc118319833][bookmark: _Ref85990845]Table 10. Experimental and BISON simulation results at burst.
	Pressurization Rate (GPa/s)
	0.3
	1.55
	3.26
	8.86

	
	Exp.
	Calc.
	Exp.
	Calc.
	Exp.
	Calc.
	Exp.
	Calc.

	Time at burst (s)
	0.545
	0.501
	0.121
	0.113
	0.059
	0.055
	0.023
	0.021

	Burst Pressure (MPa)
	175
	162
	175
	163
	179
	162
	183
	164

	Hoop Strain (%)
	2.62
2.13
	1.72
	1.93
1.57
	1.80
	1.90

	1.68
	1.75

	1.88

	Hoop Strain Rate (s-1)
	1.01
	0.35
	3.41
	1.64
	3.91
	3.41
	9.54
	12.99


Figure 33 (a,b) illustrates the time evolution of applied internal pressure and calculated true hoop stresses at the Inconel driver tube and C26M cladding for 1.55 GPa/s and 8.86 GPa/s cases. Note that two cases are shown as other pressurization rates produce similar behaviors. During an initial pressurization phase, the driver tube deforms outwards due to the hoop stress causing flexure and softening in the alumina ceramic adhesive region. For an 8.86 GPa/s pressurization rate, the driver tube deformation is sustained by the physical resistance provided by cladding yield strength. Once the stress in the cladding induced by the driver tube exceeds the cladding yield strength at 0.0196 s, the plastic deformation begins, as shown in Figure 33 (b). The burst condition is eventually attained when the UTS is reached locally in the cladding. Like the predicted time at burst, BISON conservatively predicted the time when the cladding yield strength is reached relative to the experiment. Corresponding hoop strain at yield strength is reasonably predicted, considering DIC analysis uncertainties. Reducing the conservatism in the burst calculations for MBT cases will need further investigation in experimental and C26M model uncertainties. Manufacturing uncertainties in both Inconel driver tube and C26M alloy cladding can impose different stress profiles, which can be impactful during such a short time to the burst. Furthermore, the mechanical properties of C26M alloy are based on the quasi-static tensile test. Studies on the strain rate effect on the ferritic steels showed an appreciable change in the plastic flow behavior and the corresponding deformation mechanisms [176, 177]. In the ferritic steels, an increase in strain rate tends to increase observed yield strengths and UTSs. Because the cladding is subjected to dynamic loadings at high strain rates, a comprehensive understanding of deformation physics at high strain rates is needed to enhance burst behavior predictions in fuel performance analysis tools.
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[bookmark: _Ref85795920][bookmark: _Ref87530882][bookmark: _Toc118319872]Figure 33. (a, b) BISON-calculated driver tube and cladding hoop stresses with pressure input and (c, d) BISON-calculated and DIC-analyzed hoop strain behaviors for 1.55 and 8.86 GPa/s pressurization rates.



Note that we only considered 2D analysis to reproduce experimental results assuming uniform deformation. It is expected that the 2D and 3D analyses will yield similar results. A stress concentration will yield a localized burst when local defects or skewed positions are introduced to either the driver tube or the cladding meshes. Furthermore, irradiation impacts on PCMI failure are not considered in this study. Recent studies in the mechanical properties of neutron-irradiated FeCrAl alloys showed radiation-induced hardening and embrittlement behaviors for specimens irradiated at LWR operating temperatures [30, 178]. The reduced ductility in the mechanical properties would likely be influenced by the transient deformation and failure behavior of irradiated alloys.
[bookmark: _Toc118319790]MBT BISON Sensitivity Analysis Results
This section of the study was designed to quantify contributions from input parameters listed in Table 8 to four target FOMs—burst time, pressure, hoop strain, and hoop strain rate. The parameters describe the burst behavior and compare BISON-simulated results to experimental results, as shown in Figure 34. PDF and cumulative distribution function (CDF) are computed for each FOM. PDF shows the BISON-predicted distribution of FOMs based on input variables’ sensitivities. CDF is the integral of the PDF, and it represents the probability that a FOM will take a value less than or equal to x. For burst hoop strain and strain rate, PDF shapes feature skewed Gaussian distributions. Figure 34 (a, b) shows minimal variability with conservative results due to conservatively predicted applied stresses, similar to Section 4.3.2. Figure 34 (c, d) shows positive and negative skewed PDF shapes with skewness measures of 0.31 and −0.09, respectively. These results imply that a higher burst hoop strain rate resulted in a smaller burst hoop strain. Similar behavior was observed in Section 4.3.1 and a previous experimental study [46]. An increasing pressurization rate resulted in an increasing burst hoop strain rate and a decreasing burst hoop strain.
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[bookmark: _Ref92444064][bookmark: _Toc118319873]Figure 34. PDF and CDF for burst (a) time, (b) pressure, (c) hoop strain, and (d) hoop strain rate with experimental results and BISON best-estimate results. Numbers in each figure represent mean and standard deviation.



The first-order and total effects Sobol indices were computed for burst time, pressure, hoop strain, and hoop strain rates, as shown in Figure 35. The sensitivity analysis results indicate that the Inconel driver tube yield strength is the most influential parameter on burst time and pressure, contributing 45% and 60% variability, respectively. The mechanical strength of the driver tube governs the internal pressure changes, and the applied stresses that cause plastic cladding deformation govern the burst time. Input pressure significantly impacts the burst condition because it fundamentally changes the applied stress and strain during the transient. Aluminum-oxide flexural strengths showed an appreciable Sobol index compared to the FeCrAl mechanical strengths for burst time and pressure, which also resulted from a larger uncertainty range. High first-order effects of the driver tube and the adhesive layer observed in burst time and pressure diminished when cladding hoop strain and strain rate were considered as the FOMs. The sensitivity results for burst hoop strain and strain rate indicate that the FeCrAl yield and ultimate tensile strengths were the first and the second most influential parameters. Input temperature, the FeCrAl thermal expansion coefficient, and mechanical properties from the elastic regions of three materials had no significant impact on burst condition. However, the increase from the first-order effect to the total effect indices for input pressure, Inconel yield strength, and aluminum-oxide flexural strength is significant for burst hoop strain and strain rate. It indicates that the interactive effects dominate the separate effects of independent parameters in predicting the burst conditions. The MBT is designed to mimic single pellet thermal expansion during RIA by transient mechanical expansion of the driver tube. Therefore, the appreciable total effect Sobol indices of the input pressure, Inconel yield strength, and adhesive flexural strength show the significance of pellet-cladding mechanical interaction in determining cladding burst conditions during RIAs. However, FeCrAl yield and ultimate tensile 
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[bookmark: _Ref92454051][bookmark: _Toc118319874]Figure 35. Total and first-order effect Sobol indices of MBT uncertainty parameters on projected burst (a) time, (b) pressure, (c) hoop strain, and (d) hoop strain rate.


strengths are the first and second most dominant factors in hoop strain predictions.

Figure 36 - Figure 39 show scatter plots of calculated burst time, pressure, hoop strain, and hoop strain rate relative to input parameters with noticeable total-effect Sobol indices from Figure 35. Each graph’s trendline gradient shows a degree of influence by individual input parameters on output variability.

The driver tube, adhesive layer, and cladding mechanical strengths decrease with increased system temperature, resulting in a softer material that increases burst hoop strain, as shown in Figure 38 (a). Therefore, temperature increase also slightly increased burst time and pressure, as shown in Figure 36 (a) and Figure 37 (a). An increase in system internal pressure naturally led to a reduction in burst time. Considering output time variation was less than 5 ms, its direct or first-order impacts on other burst parameters are insignificant. However, a noticeable total-order effect from system pressure can be observed in all parameters. System pressure showed noticeable total-order effect Sobol indices in burst hoop strain and strain rate predictions, highlighting interactive effects of system pressure and other parameters. System parameters interacted with material properties, affecting mechanical interaction between MBT layers and applied stress from driver tube to cladding. 

As shown in Figure 38 (c), increasing yield strength decreases burst hoop strain because increased yield strength indicates a higher modulus of resilience or recoverable energy of the material. Thus, ductile cladding materials with increased yield strengths have higher total absorbable energies upon failure. As a result, it reduces burst hoop strain rate, as shown in Figure 39 (c). Higher cladding hoop strain or ballooning behavior favors a higher strain rate with reduced wall thickness. Hence, a reduction in burst hoop strain rate was observed with increased total absorbable energy from increased yield strength. The burst hoop strain increases with increasing ultimate tensile strength. Without consideration of strain-hardening effects, increasing ultimate tensile strength elongated the stress-strain curve and generated higher burst hoop strains. This phenomenon affected burst hoop strain predictions and burst time, pressure, and strain rate predictions. Generally, the material with high mechanical strength is preferred for RIAs because high yield strength reduces burst hoop strain effectively, and high ultimate tensile strength increases absorbed energy in the plastic regime.

Adhesive layer flexural strength shows little-to-no relation to burst condition predictions. However, the total order Sobol index in Figure 35 (c, d) suggests that this and other parameters work together to determine cladding burst conditions. Input parameters other than FeCrAl strengths represent MBT system parameters that mimic pellet thermal expansion and mechanical interactions. It implies that appreciable PCMI effects on cladding burst strain and strain rate can be attributed to MBT system parameters.
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[bookmark: _Ref110592276][bookmark: _Toc118319875]Figure 36. Sensitivity of burst time to normalized input parameters: (a) temperature, (b) pressure, (c) FeCrAl yield strength, (d) FeCrAl ultimate tensile strength, (e) Inconel yield strength, and (f) Al2O3 flexural strength.
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[bookmark: _Ref92458793][bookmark: _Toc118319876]Figure 37. Sensitivity of burst pressure to normalized input parameters: (a) temperature, (b) pressure, (c) FeCrAl yield strength, (d) FeCrAl ultimate tensile strength, (e) Inconel yield strength, and (f) Al2O3 flexural strength.
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[bookmark: _Ref110592439][bookmark: _Toc118319877]Figure 38. Sensitivity of burst hoop strain to normalized input parameters: (a) temperature, (b) pressure, (c) FeCrAl yield strength, (d) FeCrAl ultimate tensile strength, (e) Inconel yield strength, and (f) Al2O3 flexural strength.
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[bookmark: _Ref110592278][bookmark: _Toc118319878]Figure 39. Sensitivity of burst hoop strain rate to normalized input parameters: (a) temperature, (b) pressure, (c) FeCrAl yield strength, (d) FeCrAl ultimate tensile strength, (e) Inconel yield strength, and (f) Al2O3 flexural strength.
[bookmark: _Toc289175833]
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Burst behavior of FeCrAl and Zircaloy-2 fuel cladding under simulated cyclic dryout conditions
A portion of this chapter was originally published by K. A. Kane et al. [20]. This chapter contains only Soon K. Lee's contributions to the published paper [20]:
	K. A. Kane, S. K. Lee, S. B. Bell, N. R. Brown, and B. A. Pint, “Burst Behavior of Nuclear Grade FeCrAl and Zircaloy-2 Fuel Cladding under Simulated Cyclic Dryout Conditions.” Journal of Nuclear Materials 539 (2020): 152256.
A version of this chapter was originally published by S. K. Lee et al. [22]:
	S. K. Lee, N. A. Capps, and N. R. Brown, “BISON Analysis of FeCrAl and Zircaloy Cladding Deformation During Simulated BWR Cyclic Dryout Conditions.” submitted to Journal of Nuclear Materials (2022).
[bookmark: _Toc118319792]Motivation
Boiling water reactor (BWR) fuel cladding failure can occur due to dryout during anticipated operational occurrences (AOOs) or Anticipated Transients Without SCRAM (ATWS) events [85, 86, 179]. Boiling transition is an unstable thermal-hydraulic phenomenon occurring on the heated surface at a heat flux between the maximum attainable in nucleate boiling and the minimum attainable in film boiling. In accident scenarios, boiling transitions on the fuel cladding surface above a limited temperature are likely to introduce dryout or cyclic dryout and rewetting. One of the fundamental goals of BWR operation is to avoid fuel system failure due to AOOs or ATWS events [93, 96]. The limits for cladding failure due to sustained dryout or cyclic dryout and re-wetting are relatively well-understood for zirconium-based cladding (e.g., Zircaloy-2). However, Accident Tolerant Fuel (ATF) cladding materials [12, 13, 180] have the potential to withstand much longer dryout durations due to their superior oxidation resistance and mechanical properties. A range of mechanical property data are available for ATF FeCrAl compositions [181], but only room temperature data are available for C26M [182, 183]. The mechanical properties of the current C26M alloy are not anticipated to significantly differ from the earlier FeCrAl variants with similar alloy additions. The earlier FeCrAl alloys exhibited an ∼18% decrease in elastic modulus from room temperature to 540 °C, 200 GPa–170 GPa, while the elastic modulus of Zircaloy-2 decreased from ∼97 to ∼70 GPa in the ∼40°-540 °C range [184]. Yield strength of Zircaloy-2 was also reported to be ∼103 MPa at ∼482 °C compared to ∼250 MPa at ∼482 °C for C35 M and C05 M. In general, the high-temperature mechanical properties of nuclear grade FeCrAl are anticipated to be superior to nuclear grade zirconium alloys.

Several prominent historical examples of boiling transition, AOO, or ATWS events led to cladding failures. For example, in 1988, the Swedish Oskarshamn-2 fleet experienced dryout fuel system failures caused by channel bow and incorrect monitoring input during full power normal operation [93, 185, 186]. Irradiation-induced channel bow tilted the power distribution across the fuel assemblies, which reduced the margin to dryout. This reduced margin severely damaged the Zircaloy cladding by oxidation in the dryout zone, resulting in cladding failure.

The LaSalle-2 reactor experienced an instability event caused by an inadvertent trip of the recirculation pumps at 85% of full power. As a result, the reactor power decreased rapidly, and the reduction in steam flow to the turbine decreased the feedwater temperature, which introduced a positive void reactivity insertion inducing transient power oscillations. Though the reactor was safely tripped at 118% of full power, postulated SCRAM failure simulation predicted maximum fission powers at 1300% of full power with fuel temperature above the failure limits [92, 187, 188]. A similar stability event was also experienced at Oskarshamn-2 in 1999, which has been the subject of benchmark analysis studies on BWR stability [94]. A TRACE simulation of the temperature oscillations experienced in a hypothetical BWR ATWS with an instability event, with cyclic dryout and rewetting eventually progressing to very high fuel temperatures, is shown in Figure 40. Specifically, the cyclic dryout and rewetting eventually progress to failure to rewet, which causes a significant temperature excursion, seen at approximately 203s in Figure 40.

In Japan, the standards for boiling transition, AOO, or ATWS event limits are parametrized as a function of the fuel system dryout duration and maximum cladding temperature [97]. The limits are specified for both fuel integrity and bundle re-use. For example, the limit for fuel integrity is a dryout duration greater than 100 s or a peak cladding temperature greater than 800 °C. Both limits are illustrated in Figure 41. In the United States, the Nuclear Regulatory Commission requires plants to ensure that dryout does not occur during normal operation or AOOs, as described in the code of federal regulations 10CFR§50.46.

ATF cladding is expected to increase resistance to high-temperature oxidation and high-temperature deformation in normal and off-normal operational conditions [13]. In particular, FeCrAl alloys show slower oxidation kinetics, good radiation tolerance, and excellent strength at high temperatures [12, 143, 181, 189]. The C26M nuclear grade FeCrAl alloy is currently being irradiated as a lead test rod (LTR) in Southern Company’s Plant Hatch BWR [158]. From a thermal-hydraulic standpoint, researchers have reported enhanced boiling heat transfer and departure from nucleate boiling (DNB) of FeCrAl compared to that of Zircaloy 
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[bookmark: _Ref110947880][bookmark: _Toc118319879]Figure 40. Example temperature history for a hypothetical BWR ATWS event, showing cyclic dryout and rewetting on the left and overpower driving fuel temperatures above failure limits on the right.
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[bookmark: _Ref110947905][bookmark: _Toc118319880]Figure 41. Standard for dryout duration and fuel cladding temperature for fuel integrity and fuel bundle reuse [97].


[15, 42, 58]. FeCrAl is expected to show a significantly improved safety margin with enhanced material properties and heat transfer.

In the current study, the integrity of FeCrAl and zirconium-based cladding materials are compared by subjecting them to dryout in high-temperature steam environments under temperature gradients. Dryout was simulated by controlling a high-temperature infrared furnace to provide cyclic temperature fluctuations with superheated steam [190, 191]. Thermal cycling of pressurized cladding has never been performed in this manner before and presents a novel way to simulate dryout.

The new experiment was first used to test the zirconium-based claddings' dryout duration limits. Then, tests were conducted with FeCrAl to assess the potential of the cladding to withstand extended dryout conditions. The experiments were conducted at the Oak Ridge National Laboratory (ORNL) using the Severe Accident Test Station (SATS).

In addition, efforts were made to better understand complex cladding mechanical responses during the simulated cyclic dryout conditions. SATS tests were modeled using the BISON fuel performance analysis code [107]. This modeling study assesses cladding deformation behavior and provides the best-estimate models for both FeCrAl and Zircaloy claddings under cyclic dryout separate-effects tests. It provides a basis for using the BISON code to analyze fuel performance during BWR instability events.
[bookmark: _Toc118319793]Cyclic Dryout Experiments and Simulations
[bookmark: _Toc118319794]Cyclic Dryout Experiments
The BWR cyclic dryout experiments were simulated on nuclear grade C26M (Fe-11.87Cr-6.22Al-1.98Mo-0.2Si-0.03Yt) FeCrAl, Zircaloy-2, and 316-SS claddings. The FeCrAl cladding specimens were 300 mm long with an outer diameter of 9.52 mm and a tube thickness of 0.38 mm. The Zircaloy-2 cladding specimens had a 10.27 mm outer diameter and 0.67 mm thickness. The FeCrAl cladding thickness is thinner than the Zircaloy-2 cladding to compensate for the neutronic penalty from the increased neutron absorption cross-section. Test specimens contained zirconia filler rods inside cladding, imitating thermal mass and internal volume occupation of fuel pellets. Swagelok fittings connected the cladding samples and a high-pressure line at the top of the cladding, where a pressure transducer measured internal pressure. For each test, nominal pressure was met, and the test specimen was subjected to thermal cycling in a stagnant flow of H2O steam environment at atmospheric pressure. Thermal cycling was provided by an infrared (IR) heater surrounding the test specimen and was controlled by a control thermocouple (TC) shown in Figure 42.

The tubes were subjected to thermal cycling in a steam environment provided by an infrared furnace. The LabView software was used to control thermal cycling in three sets of parameters: (1) 300 C to 650 C, (2) 300°-700°C, and (3) 300°-800°C. Sudden loss of pressure detected the cladding burst and failure. The true hoop stress was estimated using the thin tube approximation,
	
	
	[bookmark: _Ref69033382]Eq. 16








[bookmark: _Ref103783427][bookmark: _Toc118319881]Figure 42. Illustration of SATS test section and TC locations [20].



where  is the radial pressure difference across the tube in MPa, r is the tube radius in mm and w the tube wall thickness, also in mm. 

Eq. 16 is used for approximation and for hoop stress comparison between claddings at failure, as any degree of inelastic/elastic cladding deformation would result in both wall thickness reduction and radius increase. Four type-B thermocouples in the middle region of the cladding, spanning the middle ~10 cm, 
are monitored for thermal cycling. Starting from an initial temperature and pressure, the cladding temperature was increased at a heating rate between 11–18 K/s. Once the control thermocouple detected the designated maximum temperature of 573 K, steam cooled down the cladding, thus completing one thermal cycle. Thermal cycles were repeated for 54 cycles or until cladding failure was observed.
[bookmark: _Toc118319795]Cyclic Dryout BISON Simulation
[bookmark: _Ref103849686]The SATS tests were modeled in BISON to examine cladding deformation and burst behaviors during the BWR cyclic dryout experiments. Table 11 summarizes the cyclic dryout tests in this BISON fuel performance analysis study, initially designed to compare cladding performance under identical conditions. Figure 43 shows typical measurements of cladding temperature and internal pressure during a simulated BWR cyclic dryout test (Test-1). An initial pressure of 5.2 MPa was set, and thermal cycling was applied to the cladding. Temperature spanned 573–923 K at the control TC location. Additional TCs spanning the middle 10 cm of cladding was implemented to monitor the temperature. Figure 44 shows the measured temperature of the control TC and relative differences between the bottom, back, and top TCs to the control TC. Temperature change in each cycle was consistent throughout the test for both FeCrAl and Zircaloy-2 claddings. Temperature measurements showed top and bottom TCs spanning 543–875 K 

[bookmark: _Toc118319834]Table 11. Cyclic dryout test conditions.
	Test ID
	Material
	Initial temperature (K)
	Control temperature range (K)
	Control TC heating rate (K/s)
	Initial pressure (MPa)
	Average pressure (MPa)
	Number of cycles

	Test-1
	C26M FeCrAl
	573
	573-923
	11.6
	5.2
	5.8
	54

	Test-2
	C26M FeCrAl
	575
	573-923
	11.5
	7.8
	8.3
	54

	Test-3
	Zircaloy-2
	298
	573-923
	11.8
	5.0
	6.0
	4

	Test-4
	Zircaloy-2
	298
	573-923
	12.2
	7.0
	8.0
	4
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[bookmark: _Ref103783642][bookmark: _Toc118319882]Figure 43. Typical temperature and pressure measurements simulating cyclic dryout.
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[bookmark: _Ref103852277][bookmark: _Toc118319883]Figure 44. Control TC temperature measurement and relative differences from bottom, back, and top TCs to control TC for (a) FeCrAl and (b) Zircaloy-2 claddings.



and 593–993 K, respectively. In addition, preliminary temperature measurements at the ends of the cladding tube showed approximately 60-80 % of the nearest TC measurements. Therefore, the cladding exhibits a parabolic axial temperature profile, peaking near the bottom TC location. Note that temperature variations among the alloys were detected, as shown in Figure 44, which is suspected to be a result of the difference in the thermal properties [20].

Post-experiment test specimens were measured to construct the average diametral strain () profiles along the axial direction, and the results were compared to the BISON simulation results. At each height, four measurements were made at every 45-degree angle and are presented in this article as an average diametral strain with standard deviation.

The 2D BISON model only includes cladding specimens. The IR heater, internal pressurization, and the presence of zirconia filler rod were simulated by time-dependent Dirichlet temperature and pressure boundary conditions. For a realistic axial heating profile, a time-dependent parabolic shape axial temperature profile was constructed using a polynomial fitting of measured temperatures, as shown in Figure 45, which was applied to the outer cladding surface. Measured internal and atmospheric pressure were applied to the cladding inner and outer surfaces, respectively. Test specimens in the simulation were exposed to thermal cycling in a steam environment, and exhibited thermal expansion, contraction, and high-temperature oxidation. A major mechanism that degrades the cladding integrity is the outward creep deformation induced by the effects of pressure difference and a high-temperature environment. 
C26M FeCrAl Creep Model
Joshi et al. [146] conducted creep-rupture tests of C26M FeCrAl claddings in temperature and stress conditions relevant to cyclic dryout tests. Joshi et al. 
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[bookmark: _Ref103858542][bookmark: _Toc118319884]Figure 45. Constructed temperature boundary condition for 
BISON simulation (scatter plot represents measured data).



experimentally acquired the stress exponent () and activation energy () for a temperature range of 753–923 K and normalized stress () below 0.002. Scanning transmission electron micrographs of test specimens confirmed a dislocation climb creep mechanism in the power-law regime. A modified Arrhenius equation describes the creep rate:
	
	
	Eq. 15



where is an effective creep strain rate,  is the strength coefficient,  is the effective stress,  is the stress exponent,  is the activation energy,  is the gas constant, and  is the temperature. 

Model calibration was conducted for Test-1 to produce the best-estimate creep parameters from experimentally acquired uncertainties in the C26M FeCrAl creep model [146]. Perturbing the stress exponent and creep activation energy within given standard deviations: 200 input combinations were produced from normally distributed uncertainties. Uncertainty in strength coefficient is not considered in this study because its impact on creep rate is insignificant compared to stress exponent or activation energy.
Zircaloy Creep Model
During thermal cycling, Zircaloy cladding was repeatedly exposed to temperatures ranging from 573  to ~1,100 K at the peaking location, bringing the material to  and  mixed phase regions, respectively. A creep model capturing both normal operating conditions and high-temperature accident conditions was employed. Pastore et al. [110] developed and validated a comprehensive Zircaloy creep model using the Limback-Andersson model [192] for normal operating conditions (< 700 K) and the Erbacher model [193, 194] for high-temperature accident conditions (> 900 K). A linear interpolation was made to estimate the effective creep strain rate for cladding conditions between the two models. This comprehensive model was utilized to accurately model the mechanical deformation of Zircaloy claddings during separate-effects cladding experiments [192].
Zircaloy Failure Mode
Zircaloy cladding burst failure criteria have been studied extensively during accident scenarios and are available in BISON. The six burst criteria are the overstress, plastic instability, overstrain, rupture temperature, combined overstress and plastic instability, and combined overstress and overstrain. 

The overstress criterion assumes a burst failure when the local hoop stress reaches the limiting burst stress. The overstress criterion is experiment-derived stress correlated to temperature and oxygen concentration in the cladding [193]: 
	
	
	Eq. 16



where  and  are experimentally determined constants dependent on the zirconium phase composition (see Table 12),  and  is the oxygen weight fraction in the cladding. 

The oxygen weight fraction is determined by the following:
	
	
	Eq. 17



where  is the radius,  is the density of the Zircaloy cladding, and  is the oxygen mass. As burst stress depends on temperature and oxygen content, accident scenarios can rapidly change the cladding burst stress. 
[bookmark: _Ref109747681]







[bookmark: _Toc118319835]Table 12. Constants used to determine the burst stress of Zircaloy cladding.
	Zr Phase
	
	

	
	830
	0.001

	
	3000
	0.003

	
	2300
	0.003





In BWR cyclic dryout, the cladding may experience relatively low stress and high creep strain rate from thermal cycling, in which the overstress criterion may provide inaccurate predictions. The plastic instability criterion supports drawbacks like those identified with the overstress criterion. The plastic instability criterion assumes a failure when the effective plastic strain rate, which includes both plasticity and creep, reaches a limiting strain rate of 0.0278 s-1 [195]. The overstrain criterion considers a failure once an engineering hoop strain exceeds 40%, which converts to 33.6% true strain in BISON [195]. The overstrain criterion is overly simplified because it does not consider any stress or thermal condition in the cladding. Still, Zircaloy claddings have exhibited significant ballooning and rupture behavior in accident scenarios.

Therefore, this criterion may be expected to produce a realistic burst behavior in accident simulations. The rupture temperature criterion considers a stress-dependent rupture temperature as developed by Chapman [196], which predicts rupture temperature as a function of heating rate and applied stress:
	
	
	Eq. 18



where  is a constant positive heating rate.

The combined failure criteria consider cladding failure when either condition is reached, and they are often recommended for accident scenarios because they prevent possible unsafe predictions. Most of these criteria were developed based on separate-effects tests of Zircaloy cladding failure during loss-of-coolant-accident (LOCA) scenarios [110, 111]. This study applies four criteria (overstress, plastic instability, overstrain, and rupture temperature) to make realistic burst predictions in BWR cyclic dryout conditions.
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	Criterion
	Condition

	Overstress
	

	Plastic Instability
	

	Overstrain
	

	Rupture Temperature
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[bookmark: _Toc118319797]Cyclic Dryout Experimental Results
Figure 46 shows temperature and hoop stress responses during 300°–650 °C cycling for Zircaloy-2 at various hoop stresses. Cladding integrity depended on peak cladding temperature and hoop stress. At 40 MPa run, the cladding survived the first cycle reaching PCT of 828 °C and additional three cycles. At 47 MPa, the failure was observed at the first cycle at 825 °C. At 55 MPa, the cladding failed at the fourth cycle below the PCT of 800 °C.

Figure 47 (a, b) shows the temperature and hoop stress responses during 300°–650 °C thermal cycling for 316-SS and C26M. For both claddings, no failure or burst was observed during 54 cycles, at which point cycling was concluded. Hence, thermal cycling with higher temperatures was developed to induce C26M failure. C26M cladding failed after 20 cycles in 300°–700 °C cycling and during the first cycle in 300°–800 °C cycling.

[bookmark: bfig8]The time spent above temperature is analyzed for Zircaloy-2 cycled at 32 and 55 MPa hoop stress, Figure 46 (b) and (c), respectively, together in Figure 48 (a).  The burst temperature s specified by an “X” in the figures. The cladding lifetime in such a manner is intended to directly translate into the dryout framework proposed by Satou et al. [97]. The same method was applied to C26M cycled at 300°-700 °C and 300°-800 °C, corresponding to data reported in Figure 47 (c) and (d) at similar hoop stress in Figure 48 (b). For both materials, claddings induced a longer lifetime at lower internal pressure.
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[bookmark: _Ref69034205][bookmark: _Toc118319885]Figure 46. Temperature and hoop stress profiles of Zircaloy-2 cladding during 300°–650 °C temperature cycling at (a) 42, (b) 32, (c) 55, (d) 47 MPa, bursting at 4, 16, 4, and 1 cycles, respectively. Hoop stress remained constant prior to failure in runs (b) and (d) due to small, gradual leaking of cladding assemblies [20].
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[bookmark: _Ref69034304][bookmark: _Toc118319886]Figure 47. Temperature and hoop stress profiles of (a) of 316SS cladding during 300°–650 °C temperature cycling at 87 MPa with no burst after 54 cycles, C26M cladding during (b) 300°–650 °C temperature cycling at 76 MPa with no burst after 54 cycles, (c) 300°-700 °C temperature cycling at 55 MPa bursting after 20 cycles, and (d) 300°C–800 °C temperature cycling at 58 MPa, bursting during the first cycle. The fifty four cycle temperature profile for 300°-650 °C cycled C26M is approximated off the first ten cycles [20].
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[bookmark: _Ref69034510][bookmark: _Toc118319887]Figure 48.  (a) Time spent above temperature for Zircaloy-2 at 55 MPa and 32 MPa hoop stress during 300°–650 °C temperature cycling, showing the effect of hoop stress on cladding lifetime during simulated dry out. (b) Time spent above temperature for C26M at 58 MPa hoop stress during 300°–800 °C cycling, bursting on the first temperature ramp, and at 55 MPa hoop stress during 300°–700 °C temperature cycling, bursting on the 20th cycle.



Figure 49 shows the lifetime comparison between Zircaloy-2 and C26M claddings at different hoop stresses. C26M cladding survived 54 thermal cycles without failure under higher hoop stress than Zircaloy-2. The results indicate an enhanced performance of C26M during simulated cyclic dryout. In addition, structured light scans were performed on these claddings, which showed undeformed structure for C26M cladding and ruptured and ballooned structure for Zircaloy-2 cladding.
[bookmark: _Toc118319798]Cyclic Dryout Experimental Discussion
Figure 50 shows the combined conditions that generated the failure during 300°-700 °C cycling and 300°-800 °C cycling for C26M cladding and 300°C–650 °C cycling for Zircaloy-2 cladding. The leftmost points represent the maximum temperature where a burst occurs in the first cycle. The next data points represent the maximum exposures at temperatures prior to the failure during cycling. The rest points represent the dryout durations without burst or failure. Zircaloy-2 showed burst behavior when hoop stress is in the 42-47 MPa range. C26M cladding did not show burst behavior at 55-58 MPa at the same temperature range. At 800 °C, Zircaloy-2 cladding exhibit failure when exposure exceeds 2.3 ~ 4.5s in the 42-47 MPa range. C26M cladding can withstand up to 11 s of dryout in the 55-58 MPa range and potentially longer duration if peak temperature does not exceed 850 °C for 5 s.

The results indicate that C26M cladding induces an increased design basis accident tolerance over Zircaloy-2 under simulated cyclic dryout conditions. Although C26M steam oxidation is orders of magnitude lower than Zircaloy-2, at simulated temperatures, ~800 °C, and shorter durations, 1 ~ 5 s, Zircaloy-2 recession due to oxidation is presumed to be insignificant. The enhanced 
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[bookmark: _Ref69034682][bookmark: _Toc118319888]Figure 49. Time spent above temperature for Zircaloy-2 at 55 MPa hoop stress and C26M at 76 MPa during 300°–650 °C temperature cycling. The Zircaloy-2 cladding burst during the fourth cycle; C26M cladding did not burst after 54 cycles.
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[bookmark: _Ref69034971][bookmark: _Toc118319889]Figure 50. Dry out hoop stress map obtained by combining failure criteria from C26M burst at 55 and 58 MPa hoop stress cycled at 300°-700 °C and 300°C–800 °C, respectively, and Zircaloy-2 burst at 42 and 47 MPa hoop stress, cycled at 300°-650 °C. The “X″s indicate when cladding failure occurred; the left most ‘X’ indicate single cycle cladding failure.



accident tolerance in these simulated conditions is due to the enhanced mechanical properties.
[bookmark: _Toc118319799]Simulation Results and Discussion
[bookmark: _Toc118319800]Cyclic Dryout Simulation Results
C26M FeCrAl Creep Model Calibration
Figure 51 shows the calculation results of Test-1 for the creep model calibration. From a post-experiment cladding specimen, the diametral strain profile showed a maximum strain with a standard deviation of 0.0135  0.003, as shown in the dashed lines in Figure 51 (a, b). Calculation results indicate a wide range of hoop strains, including widely overstrained claddings.  Large overstrain claddings were produced from overestimated creep strain during thermal cycling, aided by relatively low applied hoop stress, as shown in Figure 52. C26M FeCrAl cladding burst is predicted by its ultimate tensile strength  and temperature-dependent burst stress correlation , which is based on experimental data from LOCA testing [197]. 

Notably, increases in the stress exponent (Figure 51 (a)) and decreases in activation energy (Figure 51 (b)) tend to overestimate hoop strain considerably. The best-estimate stress exponent and activation energy were acquired by finding a case with the resultant diametral strain closest to the experimentally measured diametral strain (dashed lines in Figure 51) and were found to be 4.6 and 306.2 kJ/mol, respectively.
FeCrAl Cladding Behavior Analysis During Cyclic Dryout
Figure 52(a) presents applied internal pressure and temperature during a cyclic dryout test. From an initial condition of 588 K at the peaking location, cladding was heated at 13.3 K/s until it reached 980 K. Then, 578 K steam was used to cool the cladding back to its initial condition. During the initial phase, the internal pressure increased from 5.2 MPa to 5.8 MPa as the Argon gas expanded from the temperature cycle. Internal pressure was saturated because of sustained thermal energy in the zirconia filler rod. Still, the impact of the temperature cycle could be observed from a cyclic change in internal pressure following the temperature cycle trend. Figure 52(b) shows cladding hoop strain and creep rate responses to the applied pressure difference and thermal cycling with the best-estimate C26M creep model. For each thermal cycle, cladding hoop strain rapidly increases and decreases from thermal expansion and contraction. Throughout the test, a steady increase in hoop strain from thermal creep deformation can be observed. 

Figure 53 shows applied temperature and pressure conditions, hoop stress, strain, and strain rate throughout Test-2. Test-2 exhibits a similar temperature cycle to Test-1 but at a higher initial internal pressure of 7.8 MPa. The initial heating phase increases internal pressure from 7.8 to 8.3 Mpa. The impact of gas expansion and contraction can be observed from the cyclic response of applied hoop stress. Although the cladding sample did not burst after 54 thermal cycles, increased internal pressure increased the cladding creep rate during thermal cycling, thus predicting 5.2% hoop strain. It is notable that the applied hoop stress gradually increases as cladding begins to deform outward. A gradual increase in hoop stress was not observed in Test-1 due to a low creep rate resulting a negligible cladding deformation. 
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[bookmark: _Ref103952340][bookmark: _Toc118319890]Figure 51. Test-1: model calibration results for maximum hoop strain.
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[bookmark: _Ref103594159][bookmark: _Toc118319891]Figure 52. (a) Applied temperature and pressure boundary conditions and BISON-calculated maximum hoop stress, (b) maximum hoop strain and creep rate for Test-1.
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[bookmark: _Ref104970367][bookmark: _Toc118319892]Figure 53. (a) Applied temperature and pressure boundary conditions and BISON-calculated maximum hoop stress, (b) maximum hoop strain and creep rate for Test-2.


Zircaloy Cladding Behavior Analysis During Cyclic Dryout
Figure 54 and Figure 55 show (a) the applied boundary conditions and calculated hoop stress, (b) the calculated strain, strain rate, bursts, and (c) the strain profiles at burst for Test-3 and Test-4. A sharp hoop strain increase can be observed in each thermal cycle with an increasing creep strain rate resulting from increased internal pressure and temperature. BISON predicted the Test-3 specimen entering the two-phase () coexistence region during the first cycle, while the Test-4 specimen maintained the  phase throughout the test. It contributed to a significant increase in strain during the first cycle. The thermal expansion also contributed to increasing hoop strain. The effects of thermal contraction can be observed in the small decrease in hoop strain after each temperature peak. Strain change during thermal cycling prompted by thermal expansion and contraction is small in Zircaloy because of the relatively low thermal expansion coefficients at high temperatures [198]. Throughout tests, a stepwise increase in hoop stress was observed following the stepwise ballooning of cladding, which decreased cladding wall thickness and increased cladding diameter. 

This study considered four burst criteria: overstress, overstrain, plastic instability, and rupture temperature. Claddings sustained the low internal pressure for both tests, and the cladding condition did not meet the burst condition set by the overstress criterion. If cyclic dryouts were continued beyond experimentally observed burst points, then overstress criterion would likely produce overstrained claddings. The plastic instability and rupture temperature criteria conservatively predicted burst conditions for both tests. Although applied internal pressure was moderate, the cladding exhibited a heating rate of ~17 K/s at the Test-3 specimen peaking location, which produced an effective plastic strain rate higher than the limit of 0.0278 s-1.


Moreover, BISON  predicted rupture temperature at the first thermal cycle of the Test-3 at 1,101 K, where the peak cladding temperature (PCT) at the first cycle exceeded the rupture temperature criterion by 4 K. Rupture temperature for the Test-4 was detected at the third thermal cycle, where the PCT exceeded the threshold by 1 K. Plastic instability and rupture temperature criteria predicted the bursts at the same thermal cycles for the Test-3 and -4. Overstrain bursts were predicted in the third and fourth cycles for Test-3 and Test-4, respectively. Discrepancies between the calculations and the experiments may have been caused by uncertainties in the Zircaloy creep model and simple failure criterion. Overstrain bursts were predicted in the third and fourth cycles for Test-3 and Test-4, respectively. Discrepancies between the calculations and the experiments may have been caused by uncertainties in the Zircaloy creep model and simple failure criterion. During a BWR instability event, the fuel system may exhibit a cyclic dryout phase and eventually progresses to rewetting failure, which can cause a large temperature excursion [20]. Large temperature excursions in the fuel system will rapidly increase cladding hoop stress from pellet-cladding mechanical interaction (PCMI). Hence, the combined rupture temperature and overstrain criterion is recommended for BWR instability event analysis, considering the conservative nature of nuclear safety. 

The combined criterion will not only consider the physical strain deformation, but also account applied stress and temperature for conservative burst predictions in BWR instability events.  Overall, BISON calculation results of cyclic dryout tests are similar to the calculation results of LOCA tests [110], in which conservative but reasonably agreeable calculations were observed.
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[bookmark: _Ref104448960][bookmark: _Ref104448951][bookmark: _Toc118319893]Figure 54. (a) Applied temperature, pressure boundary conditions, and BISON-calculated hoop stress, (b) cladding hoop strain and creep strain rate during Test-3.




 (a)
(b)

[bookmark: _Ref104448991][bookmark: _Toc118319894]Figure 55. (a) Applied temperature, pressure boundary conditions, and BISON-calculated hoop stress, (b) cladding hoop strain and creep strain rate during Test-4.

[bookmark: _Toc118319801]Cyclic Dryout Simulation Discussion
Potential Failure Mechanism
During thermal cycling, the C26M FeCrAl cladding strain rate is lower than the Zircaloy-2 cladding strain rate due to this material’s lower thermal creep rate. It is also shown by Zircaloy-2 claddings failing at the fourth thermal cycle while C26M claddings sustain cladding integrity through 54 thermal cycles. For C26M claddings, Test-2 showed gradually increasing hoop stress due to increased internal pressure relative to the Test-1 condition. It is notable that the von Mises or equivalent stress in C26M cladding gradually increases throughout thermal cycling, as shown in Figure 56:
	
	
	Eq. 19


where r, z and  are radial, axial and hoop directions, respectively.

Equivalent stress at the peaking location increases due to outward creep deformation, gradually increasing stresses in axial and hoop directions. When thermal cycling is continued for longer, equivalent stress exceeds the yield strength near each temperature peak. Cladding will start exhibiting plastic deformation with creep deformation at high temperatures. Duration of equivalent stress exceeding yield strengths will increase as the thermal cycling continues, and cladding can potentially exhibit ductile failure characterized by plastic deformation. An accurate description of the elastoplastic behavior at high temperatures is crucial to predict the ductile fracture of FeCrAl cladding systems. Uniaxial tensile tests are commonly used for metallic materials to generate equivalent stress-strain data [199]. Hence, high-temperature uniaxial tensile tests are recommended for FeCrAl to precisely analyze cladding failure behaviors during accident scenarios like cyclic dryout and LOCA. 
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[bookmark: _Ref110375811][bookmark: _Toc118319895]Figure 56. Applied stresses at the peaking location for Test-2.



Residual Strain Comparison
The best-estimate C26M alloy creep model aided by the model calibration study produced a reasonable prediction of Test-1 without failure and a similar axial strain profile, as shown in Figure 57 (a). Then, the best-estimate model was applied to Test-2 to validate model fidelity, as shown in Figure 53. The cladding sample sustained a ~3% diametral strain at the peak temperature location and withstood 54 cycles of thermal loads without failure. The BISON calculated strain profile and measured strain profile are compared in Figure 57 (b), which shows a 2% overestimation in maximum diametral strain. The applied thermal cycling parameters are similar for Test-1 and -2. The mean peak temperatures from 54 cycles have less than a 3 K difference, but the applied hoop stresses differed by approximately 35 MPa. C26M alloy thermal creep correlation was built on a limited number of experimental data under low-stress conditions [146]. Therefore, a 2% overestimation could have resulted from an unaccounted stress-dependent creep behavior.

For Zircaloy-2 tests, the overstress criterion failed to predict bursts due to low-stress conditions. As shown in Figure 58, the plastic instability and rupture temperature criteria conservatively predicted burst diametral strains by 29% and 25% for Test-3 and Test-4, respectively. Diametral strain at the burst location was 37.4  3.7 % and 42.4  3.9 % for Test-3 and Test-4. BISON simulations with overstrain burst criterion predicted bursts at 38.7% for both cases, which results fall within ex-situ specimen measurement uncertainty. Whereas simulated peak diametral strains were off by 1.2% on average, simulated strain profiles showed discrepancies from experimental data. It may result from the assumptions made for the temperature profile from top and bottom TCs to the top and bottom ends of claddings. Note that the Test-4 specimen showed two different ballooning locations. It is due to the metal wire around the tube holding 
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[bookmark: _Ref110327497][bookmark: _Toc118319896]Figure 57. BISON-calculated and measured strain profiles for C26M FeCrAl (a) Test-1 and (b) Test-2.


TCs (0.1 m) preventing local ballooning. With TCs spanning near the center of the cladding, the local temperature response at ~0.08 m was not captured and was not reflected on the BISON simulation.

In this study, BISON calculations provided satisfactory predictions for both FeCrAl and Zircaloy-2 claddings by comparing results to ex-situ residual strains. In-situ visualization capability with an IR camera and digital image correlation (DIC) method in SATS [200] would enable us to collect high-resolution temperature and cladding deformation data. In-situ cladding deformation responses with well-understood temperature profiles will better define stress-dependent C26M alloy creep behaviors and fill the gap between the Zircaloy creep models. These improvements would enhance our understanding of the thermomechanical behavior of different cladding materials during BWR cyclic dryout scenarios.
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[bookmark: _Ref110333235][bookmark: _Toc118319897]Figure 58. BISON-calculated and measured strain profiles for Zircaloy-2 (a) Test-3 and (b) Test-4.
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Multi-physics analysis of loca on high burnup fuel
	A portion of this chapter was originally published by N. Capps et al. [19]. This chapter contains only Soon K. Lee's contributions to the published paper [19]:
	N. Capps, A. Wysocki, A. Godfrey, B. Collins, R. Sweet, N. Brown, S. Lee, N. Szewczyk, and S. Hoxie-Key. “Full Core LOCA Safety Analysis for a PWR Containing High Burnup Fuel.” Nuclear Engineering and Design 379 (2021): 111194. 
A version of this chapter was originally published by S. K. Lee et al. [201]:
	S. K. Lee, N. A. Capps, A. T. Nelson, and N. R. Brown. “Full Core Large Break LOCA Fuel System Uncertainty Analysis for a PWR Containing High Burnup Fuel.” ANS Virtual Annual Meeting June 14-15, 2021.
[bookmark: _Toc118319803]Motivation
[bookmark: _Toc289175835]The US nuclear industry is building a technical basis to extend rod average burnup limits beyond 62 GWd/MTU for economic pressurized water reactor (PWR) cycle lengths. The primary driver of recent efforts is to economically increase PWR cycle length to 24 months, reduce the number of fresh fuel assemblies, increase time online, hence reducing number of outages and their associated cost, higher fuel utilization, and possibly reduce core design constraints. For US nuclear utilities to leverage economic efficiencies, the US Nuclear Regulatory Commission (NRC) will likely require a safety analysis of potential operational occurrences and their consequences. The most significant operational occurrence is a design basis accident (DBA). Thereby, high burnup fuel safety analysis for the most limiting transient scenarios like loss of coolant accident (LOCA) is crucial for potentially implementing an extended rod average burnup limit. 

A LOCA is one of the most critical postulated accident scenarios for light water reactors (LWRs). It occurs when the primary coolant system suffers a failure resulting in the loss of reactor coolant. The most severe accident-initiating event is a double-ended guillotine break between the reactor vessel and the main circulation pump. An example of a PWR fuel rod response during a double-ended guillotine break is shown in Figure 59 [202]. After the cold leg rupture, the coolant flashes to steam and blows down through the broken pipes. The reactor depressurizes, and the emergency core cooling system (ECCS) begins pumping coolant into the reactor primary vessel (RPV). During initial sequences, decay heat continues to increase fuel rod temperatures to the point where permanent fuel damage may occur, including ballooning, burst, oxidation, and hydriding, resulting in the loss of post-quench ductility [203]. The severity of the LOCA transient is governed by a number of conditions related to the local fuel rod and assembly.

This project used a fully integrated approach by externally coupling VERA, RELAP5-3D, and BISON to evaluate high burnup fuel fragmentation susceptibility for a 4-loop Westinghouse PWR. First, depletion of core designs in VERA provided the necessary input to RELAP5-3D to evaluate the thermal and pressure response of the system during LB-LOCA. Then, VERA and RELAP5-3D results provided BISON with the necessary boundary conditions to evaluate the evolution of high burnup fuel under transient conditions to calculate the total mass in the core that would be susceptible to high burnup fuel fragmentation. From the best-estimate results, the best-estimate plus uncertainty analysis for 4-loop Westinghouse PWR LBOCA was conducted by applying the uniformly discretized sampling method with seven fuel system uncertainty parameters. 
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[bookmark: _Ref110947788][bookmark: _Toc118319898]Figure 59. Generic description of fuel rod response during LB-LOCA [202].


Based on the analysis, the influence of uncertainty parameters was evaluated by applying variance-based global sensitivity methods.
[bookmark: _Toc118319804]LOCA Thermal Hydraulics
[bookmark: _Toc118319805]RELAP5-3D Best-Estimate Model Description
The Reactor Excursion and Leak Analysis Program (RELAP5-3D) was developed at INL to model various operational transients and postulated accidents in LWR systems [204]. RELAP5-3D is a systems code for analyzing the thermal-hydraulic response of core and reactor coolant system (RCS) during various transients, including both small- and large-break LOCAs (LB-LOCAs). The RELAP5-3D solves a two-fluid system using a partially implicit numerical scheme based on a nonhomogeneous and nonequilibrium model. The code consists of various generic component models, including pumps, valves, pipes, heat exchange structures, reactor kinetics, heaters, turbines, compressors, pressurizers, accumulators, and control system components. It can model effects such as form loss, flow at an abrupt area change, branching, choked flow, boron tracking, non-condensable gas transport, two-phase flow dynamics, pre-, and post-CHF heat transfer, and quench front tracking. RELAP5-3D is used to perform LB-LOCA analysis on a 4-loop Westinghouse PWR to provide systems response and transient temperature behavior of high burnup fuel to BISON.

System-level best-estimate transient simulations are conducted to evaluate the susceptibility of fuel pellet fragmentation and pulverization in high burnup fuel under LB-LOCA conditions. A typical 4-loop Westinghouse PWR plant with a rated power of 3,626 MW is constructed using RELAP5-3D with generic 1D components, which consists of the main reactor features governing system response under the reference scenario. A generic 4-loop Westinghouse PWR RELAP5-3D model was established based on a legacy Zion model (typpwr.i). The system consists of a reactor core vessel and internal components, intact and broken loops with hot and cold legs, primary coolant pumps, steam generators, a pressurizer, and the ECCS (see Figure 60). The secondary loop connected with the steam generator is modeled with main feedwater and auxiliary feedwater volumes controlling water injection boundary conditions. The main steam safety and pilot-operated relief valves govern the secondary system pressure to attain desired steady-state primary coolant temperature.

For practicality, homogenized reactor core simulations are used to reduce the number of flow channels and rods. The reactor core is simulated with two pipe fuel channels connected with cross-flow junctions comprised of fifty axial nodes, implementing identical axial nodalization from VERA [205]. The main core channel represented the average fuel rod (component number 336), and the other represented the single subchannel surrounding the rod of interest (component number 337), as the intent was to evaluate the high burnup fuel rod system response during the transient. Separate runs were conducted on four selected rods of interest. The rods were high burnup and peak temperature rods selected from various core regions. Heat structures representing fuel rods in each channel were comprised of fifty nonuniform axial nodes to capture the axial power distribution and to match the BISON meshing scheme. 

Figure 60 illustrates a simplified representation of the 4-loop Westinghouse PWR LB-LOCA model. In this study, LB-LOCA only considered a cold-leg double-ended guillotine break, as illustrated in Figure 60 components 212, 214, and 500. It is considered the most limiting LOCA scenario, as it limits ECCS injection from the cold-leg, promotes flow stagnation, and causes ECCS injection bypass. Pressure drop caused by the break initiates primary and secondary sides to trip. When the accumulator set pressure is reached, the accumulator starts injecting coolant into the primary loop. Emergency generators are initiated to operate high-pressure injection systems after a short delay. Then the low-pressure injection systems inject coolant into the reactor core to fully quench the core vessel. LB-LOCAs consist of blowdown, refill, reflood, and long-term cooling phases. HBFF susceptibility evaluations under the most limiting LOCA scenario were carried out. 

The RELAP5-3D LB-LOCA model was established and compared to the LB-LOCA results in the final safety analysis report (FSAR) to ensure realistic thermal and pressure responses [206]. Because the RELAP5-3D model was developed based on a Westinghouse 4-loop PWR design (Zion), the plant configuration is largely consistent with the plant reported in the FSAR. Furthermore, core geometry and operating conditions were applied in the RELAP5-3D model consistent with the high-burnup cycle design, as described below. The nominal cycle design described in the FSAR, including peaking factor and fresh fuel thermal properties, was applied to the RELAP5-3D model. Therefore, a reasonable agreement was expected between the two sets of results, and a comparison was performed to ensure that RELAP5-3D results were consistent with the reported LB-LOCA behavior. For this comparison, the built-in point kinetics model used reference peaking factors from the American Nuclear Society (ANS) Appendix K decay heat standard [207].

The following four fuel pins from different assemblies were selected based on the end-of-cycle (EOC) burnup level and core location. Assembly A11 pin 3-13 has the highest rod average burnup (75.8 GWd/MTU) on the core-periphery. Assembly C9 pin 7-10 is the hottest rod, with an average burnup of 38.9 GWd/MTU. Assembly E11 pin 5-4 represents the average pin power with an 
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[bookmark: _Ref68879399][bookmark: _Toc118319899]Figure 60. RELAP5-3D 4-loop Westinghouse PWR nodalization diagram.


average burnup of 67.7 GWd/MTU. Lastly, assembly G8 pin 4-13 represents high burnup fuel (70.5 GWd/MTU) in the central regions of the core.

The steady-state power profile, the cladding surface temperature, subchannel coolant temperature, and pressure data from the MPACT and CTF calculations were implemented in the RELAP5-3D hot channel to match pretransient conditions. Based on VERA data, BISON generated the following burnup-dependent parameters for each fuel rod at EOC: rod internal pressure, number of fission gas moles, radial displacement, and pellet-cladding gap thickness. RELAP5-3D used the BISON results to inform the gap conductance model and fuel cladding deformation model to accurately calculate gap thickness, gap thermal conductivity, and pretransient fuel temperature. Subsequently, RELAP5-3D was compared to BISON to ensure that the pretransient fuel rod conditions were identical between the two codes. The Nuclear Fuel Industry Research (NFIR) correlation was used to calculate temperature-dependent fuel thermal conductivity using the average fuel rod burnup [208]. Cladding thermal properties used the cladding models documented in MATPRO [204].
[bookmark: _Toc118319806]Benchmark Comparison to Westinghouse 4-Loop PWR
I assessed the 4-Loop Westinghouse PWR model to ensure that our baseline results were in good agreement with the PWR FSAR. The PWR FSAR system parameters, including the rated power, peaking factor, and accumulator and pressurizer set points, were implemented in the model for a consistent comparison. A parametric study of four discharge coefficients (0.4, 0.6, 0.8, and 1.0) investigated break flow and pressure drop trends over the coefficients. Both break flow and pressure drop from the RELAP5-3D model showed comparable behavior to the FSAR results. The most limiting case of the 1.0 discharge coefficient is considered in this study. A large break is initiated at 0 seconds, releasing the pressurized coolant through the cold leg, as shown in Figure 61 (a). Loss of coolant causes the pressure loss of the reactor core vessel, where the average core pressure drops from 15.6 MPa to atmospheric, as illustrated in Figure 61 (b). The model’s overall break flow and pressure drop responses agree with the results reported in the FSAR, shown in Figure 61. The baseline model was built based on the reactor core condition implemented from the VERA analysis results. I implemented the power profile provided from the VERA results as axial power shape for large break LOCA was not reported in the FSAR, which impacted the pre-transient steady-state cladding temperature difference of 25°C. Pre-transient flow condition prompted by the reactor core condition and the circulation pump showed mass flow difference in the break loop by 500 kg/s. Hence, a small discrepancy in the break flows during the blowdown phase is observed from 0 to 2.5 seconds in Figure 61 (a). The break flow difference triggered the RELAP5-3D analysis to delay the core average pressure drop compared to the FSAR results, as shown in Figure 61 (b). The RELAP5-3D analysis results for the break flow and the average core pressure are compatible with the FSAR, following the typical LB-LOCA blowdown behavior. 

Though the reactor safety components were set to values reported in the FSAR, specifics and geometries on each component can vary and cause minor refill responses. The core quench front of the model is illustrated in Figure 61 (c), which showed more conservative results in the present model compared to the response in the FSAR. Figure 61 (d) shows the cladding temperature response at the peak cladding temperature (PCT) location during the LB-LOCA. The PCT was reached at 200 and 250 seconds for PWR FSAR and the present RELAP5-3D model, respectively. The discrepancy in the appropriate PCT time occurred due to the difference in the aforementioned pre-transient conditions and the system response during the blowdown, refill, and reflood. Nevertheless, the PCT 
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[bookmark: _Ref68879430][bookmark: _Toc118319900]Figure 61. The Vogtle FSAR and representative RELAP5-3D simulation comparisons of (a) break flow, (b) core pressure, (c) core quench front, and (d) peak cladding temperature.



responses showed good agreement. The reported PCTs were 1,029°C and 1,023°C for RELAP5-3D and the PWR FSAR, respectively, as shown in Figure 61.
[bookmark: _Toc118319807]High Burnup Fuel LOCA Analysis
Figure 62 shows the G8 high burnup fuel pin EOC steady-state coolant, cladding surface, and fuel temperatures. RELAP5-3D and CTF show axial coolant temperature increases along the axial length of the fuel rod, verifying appropriate energy deposition and heat transfer from the fuel rod to the coolant channel. The RELAP5-3D cladding surface temperature results closely agree with the CTF results. VERA models heat transfer enhancement effect downstream of spacer grids, resulting in localized decreases in cladding temperature, causing the jagged effect seen in Figure 62 (b). This effect is not modeled in RELAP5-3D, resulting in a smoother axial temperature profile across the cladding.

BISON and RELAP5-3D fuel centerline temperatures are in excellent agreement. Compared to VERA average fuel temperatures, the RELAP5-3D fuel average temperature is more conservative, as it accounts for the burnup-dependent gap thermal properties (i.e., fission gas thermal conductivity degradation). The same approach and steady-state analysis were conducted for all fuel rods; the results for each case show similar trends as those observed for G8. Comparing the coolant temperature ensured the correct mass flow rate and power output implementation via the fuel rod. Furthermore, the comparable cladding surface and fuel centerline temperatures provided ensure that pretransient conditions are consistent in the fuel system conduction calculation.

Following the rupture of the cold leg, the maximum fuel temperature rapidly decreased from the steady-state operating temperature, as seen in Figure 63 (a). 







(a)
(b)

[bookmark: _Ref68879477][bookmark: _Toc118319901]Figure 62. The RELAP5-3D, VERA, and BISON steady-state fuel rod data integration for G8 high burnup fuel pin at the center core: (a) fuel temperature and (b) coolant and cladding surface temperatures.
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[bookmark: _Ref68879497][bookmark: _Toc118319902]Figure 63. (a) Fuel centerline and cladding surface temperatures, (b) heat fluxes, (c) heating rates at the PCT locations, and (d) decay heat versus time for a LB-LOCA at EOC.










[bookmark: _Ref118296274][bookmark: _Toc118319837]Table 14. Steady-state rod average peaking factor, PCT, and local burnup at PCT location for considered fuel rods.
	Assembly fuel rod
	Peaking factor
	PCT
	Local burnup

	A11 high burnup core periphery
	0.48
	410°C
	81.1 GWd/MTU

	C9 peak temperature pin
	1.34
	821°C
	40.7 GWd/MTU

	E11 average pin power
	0.94
	608°C
	71.6 GWd/MTU

	G8 high burnup core center
	1.04
	656°C
	75.5 GWd/MTU





[bookmark: _Toc289175845]Over time, the cladding temperature increases to the PCT reported in Table 14, which reports the peaking factors, PCT, and local burnup for all fuel rods considered. The cladding surface heat flux response at the PCT location, as shown in Figure 63 (b), is impacted by the heat generation rate and the thermal-hydraulic conditions in the adjacent coolant. During the blowdown and reflood phases, the heat flux rapidly decreases due to the scram-induced decrease in fuel heat generation, the loss of liquid coolant, and the decrease in steam flow through the core. The decay heat generated by VERA is applied as a function of time, as shown in Figure 63 (c and d). The applied decay heat sustains the cladding temperature until the quench phase, which occurs at ~ 600 seconds for the high burnup fuel pin, at which point the heat flux rises due to rewetting and reflood coolant boiling. The heat flux decreases to ~ 1.5 × 104 W/m2 as fuel temperatures stabilize during post-reflood conditions.
[bookmark: _Toc118319808]LOCA Uncertainty Analysis
[bookmark: _Toc118319809]Thermal Hydraulic Model Selection
From the initial high burnup fuel LOCA thermal-hydraulic analysis, four fuel pins with different burnup levels and linear heat rates were analyzed in detail (Figure 63). Of four fuel pins, two fuel pins from different assemblies were selected based on EOC burnup levels. Assembly G8 pin 4-13 is a high burnup pin (70.5 GWd/MTU) in the central region of the core. From the previous analysis, G8 pin 4-13 showed the most limiting PCT of selected high burnup fuels (above 70.0 GWd/MTU).  Assembly C9 pin 3-13 is the peak pin with the highest peaking factor (38.9 GWd/MTU), where the normal operating temperature is the hottest in the core. C9 pin 3-13 naturally showed the highest PCT due to the highest peaking factor. These two limiting fuel pins were selected and simulated under LB-LOCA uncertainty analysis.
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[bookmark: _Ref68962308][bookmark: _Toc118319903]Figure 64. Thermal conductivity of considered high burnup fuels.



An additional reason behind selecting these two base models for uncertainty analysis is the burnup-dependent UO2 thermal conductivity, as shown in Figure 64. Previous LOCA uncertainty analyses identified the UO2 thermal conductivity 
as one of the most influential parameters determining the PCT [209-211]. UO2 thermal conductivity determines the fuel centerline temperature during normal operation. It also defines the redistribution of the stored energy in the pellet during the blowdown phase and the fuel to cladding heat transfer until the liquid quenching [203], which mechanisms directly impact the temperature rise of the fuel system under the LOCA scenario.
[bookmark: _Toc118319810]Fuel System Uncertainty Analysis Method
In this chapter of the study, the effects of individual fuel system uncertainty parameters on the PCT have been analyzed. The uncertainty analysis study was performed using RELAP5/MOD3.3 and RAVEN to determine the sensitivity of fuel system parameters. Effects of individually considered parameters are quantified as the first-order sensitivity indices computed from the variance-based global sensitivity analysis. Sensitivity indices highlight the influence of each parameter on the FOM: peak cladding temperature. For this analysis, 20,982 RELAP5/MOD3.3 runs were completed for high burnup and peak fuel pin cases perturbing seven parameters in given ranges.

Table 15 shows the perturbed fuel and cladding thermal properties. NFIR burnup dependent thermal conductivity model was used at the average UO2 fuel rod burnup of 70.5 GWd/MTU for high burnup fuel and 39.1 GWd/MTU for peak pin, respectively. The temperature-dependent thermal conductivity model uncertainty is ~10 % for the irradiated UO2 in NUREG/CR-7024 [212]. Using a conservative approach that accounts for implications of high burnup fuel, an uncertainty range of ± 20 % was implemented for fuel system thermal properties. Given conservative range covers other widely used burnup-dependent fuel thermal conductivity models like Halden and Fink-Lucuta models.

Considered fuel system manufacturing parameters and their uncertainties are shown in Table 15. Three key manufacturing uncertainties of fuel and cladding geometries were considered, and tolerances were attained from the NUREG/CR-7001 [213]. RELAP5-3D dynamic gap model takes the geometrical input as room temperature condition. Hence, burnup-dependent parameters (internal pressure, fission gas moles, radial displacement, and pallet-cladding gap thickness) from BISON are applied to given geometries to quantify the gap thermal conductance. Inner cladding diameter (ID) shifts the value of outer cladding diameter (OD) as the fuel rod radius is counted from the fuel center, contributing to a more conservative uncertainty range.

This analysis uses the grid-based sampling strategy to explore the interaction of considered parameters’ uncertainties for the selected FOMs. This sampling method is designed to perform a parametric, not probabilistic, analysis of the fuel system response under LB-LOCA scenario. Each parameter discretized the uncertainties’ range in a predefined number of intervals. The combinations of the uncertainties were implemented into the system code to predict the fuel system response during the accident scenario. 14,824 and 6104 combinations of uncertainties were performed for high burnup fuel pin and peak fuel pin cases, respectively. For the fuel and cladding thermal properties, five and four uniformly discretized samples were utilized for high burnup fuel pin cases and peak fuel pin cases, respectively. One less sample with the same thermal property uncertainties was used to reduce the computational time for the peak fuel pin cases. Though combinations of uncertainties were reduced, the parametric analysis results for both cases showed a similar trend for the FOM. It implies that 
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[bookmark: _Toc118319838]Table 15. Fuel system uncertainty parameters and ranges.
	Parameter
	Uncertainty Range
	Probability Density Function

	Fuel Pellet k
	± 20%
	Uniform

	Fuel Pellet Cp
	± 20%
	

	Cladding k
	± 20%
	

	Cladding Cp
	± 20%
	

	Pellet Diameter
	± 0.002 cm
	

	Cladding Inner Diameter
	± 0.004 cm
	

	Cladding Outer Diameter
	± 0.004 cm
	





the number of combinations considered was large enough to reach saturation. Three uniformly discretized samples were used for geometrical uncertainties.
[bookmark: _Toc118319811]Fuel System Uncertainty Analysis Results
The ranges of PCT and maximum heat flux (MHF) predicted during the LB-LOCA uncertainty analysis for the G8 high burnup pin and the C9 peak pin are shown in Figure 65. Plots highlight the fuel system’s potential maximum temperature and heat flux responses to the LB-LOCA. Compared to the G8 high burnup pin, the C9 peak pin showed an increased PCT range due to the increased linear heat rate, fuel thermal conductivity, and gap conductance. Notably, the PCTs were reached during the reflood phase, not during the blowdown phase, for both cases within given uncertainty ranges following the baseline cases.  

In both cases, significant heat flux variations were observed near the lower end of the fuel rods during the blowdown phase. It is because the cold leg break causes the rapid coolant discharge from the core, disabling the upward flow in the core during depressurization. As a result, the lower end of the fuel rod exhibits a rapid heat flux from increase from boiling the coolant contained in the core. Conversely, the fuel rod’s upper end exhibit reduced heat flux due to rapid coolant removal from the depressurization.

The minimum and maximum PCT and MHF predictions are shown in Table 16. Within the considered uncertainty range, it is positive that the predicted maximum cladding temperatures for both fuel pins do not exceed 1,477 K, which is the acceptance criteria for ECCS for LWRs according to the 10 CFR 50.46. 
(a)
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[bookmark: _Ref68980285][bookmark: _Toc118319904]Figure 65. Range of maximum cladding surface temperature and maximum fuel system heat flux predicted during LB-LOCA for (a, b) G8 high burnup pin and (c, d) C9 peak pin.

[bookmark: _Ref68986291][bookmark: _Toc118319839]Table 16. Fuel system uncertainty analysis results.
	
	G8 HBu Pin
	C9 Peak Pin

	Baseline PCT
	929 K
	1,094 K

	Max PCT
	1,070 K
	1,279 K

	Min PCT
	834 K
	1,006 K

	Max MHF
	5,169 kW/m2
	5,231 kW/m2

	Min MHF
	1,937 kW/m2
	2,600 kW/m2



Figure 66 shows the dependencies of fuel system thermal properties on PCT. While fuel heat capacity and cladding thermal conductivity show negligible dependencies, PCT somewhat depends on cladding heat capacity and strongly depends on the fuel thermal conductivity. With increasing cladding heat capacity, the stored energy or heat to the cladding material to generate a temperature change reduces, resulting in reduced PCT. A strong dependency on fuel thermal conductivity is expected as it determines the pretransient fuel centerline temperature. It also impacts the redistribution of the stored energy in the pellet across the fuel pellet and cladding. Increased thermal conductivity enhances the fuel to coolant heat transfer, reducing fuel system temperature overall. The fuel system thermal property uncertainty analysis of the C9 peak pin showed similar behavior to the G8 high burnup pin. Yet, higher linear heat rate and increased thermal conductivity from a lower burnup level induced slightly increased dependency of the fuel thermal conductivity on PCT.

Figure 67 shows the dependencies of the fuel system geometrical uncertainties on the PCT. PCT reduces with increasing fuel pellet radius and cladding outer radius. PCT strongly depends on cladding inner radius as it impacts the fuel rod geometry and gap conductance from the RELAP5 dynamic gap model. The dynamic gap model introduced a closed gap within the given range of fuel system geometrical uncertainties, calculating the gap conductance according to the given initial gap thickness, displacements, internal pressure, and mole fractions of fission gases. In sum, the gap conductance is inversely proportional to the gap size. Therefore, an increase in gap size reduces the gap conductance, which contributes to the PCT rise. Such impact can also be observed in the fuel pellet radius. An increase in fuel pellet radius reduces the gap size, thereby reducing the PCT by increasing gap conductance. While both fuel pellet radius and cladding inner radius impact the gap conductance, the influence of the 
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[bookmark: _Ref68988491][bookmark: _Toc118319905]Figure 66. G8 high burnup pin: sensitivity of PCT to fuel system thermal properties.
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[bookmark: _Ref68991399][bookmark: _Toc118319906]Figure 67. G8 high burnup pin: sensitivity of PCT to fuel system geometry.
cladding inner radius is greater than the fuel pellet radius as it holds a higher impact on the overall fuel rod geometry.

Variance-based global sensitivity analyses are implemented to quantify the fractional contribution of fuel system thermal properties and manufacturing uncertainties on PCT and MHF. Random balanced designs Fourier amplitude sensitivity analysis method is implemented to quantify the sensitivity indices, which estimate the first order effects or main effects in a global sensitivity analysis. The method implements sensitivity analysis in regression problems with non-linear and non-additive models. Furthermore, finite and infinite ranges of model input factors are allowed and easy to implement compared to other methods available for the global sensitivity analysis, which contributes to reduced computational cost for the analyses.

Figure 68 shows that the overall sensitivity indices for both G8 high burnup pin and C9 peak pin cases are similar within the range of uncertainties during LB-LOCA. It highlights the influence of fuel thermal conductivity and cladding inner radius (or diameter) on PCT. The most influential parameter during the LB-LOCA scenario is the fuel thermal conductivity. During the depressurization phase, the stored energy is sustained mainly in the fuel with no heat removal. Therefore, increasing fuel thermal conductivity reduces the PCT. In addition, perturbation in the cladding inner radius highly impacts the PCT by determining the gap conductance fueled by the burnup-dependent gap deformation data. 





(a)
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[bookmark: _Ref68994635][bookmark: _Toc118319907]Figure 68. Variance-based global sensitivity analysis results for PCT and MHF of the (a) G8 high burnup pin and (b) C9 peak pin 
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Conclusions
[bookmark: _Toc118319813]Summary and Conclusions
A need for extending the accident coping time during various reactor transients drives the development of advanced LWR fuel system materials. Fukushima-Daiichi nuclear power plant accident revealed an urgent need for advancements in LWR materials. FeCrAl cladding, a near-term ATF technology, is experimentally evaluated in separate-effects tests simulating transient scenarios, investigating thermal-hydraulics and thermo-mechanics behaviors. These separate-effects tests are used to investigate new materials’ individual phenomena and develop mechanistic models of specific processes. Computational evaluation is followed to validate transient responses with the state-of-art modeling tools. These computational validations of separate-effects tests are essential to conduct new materials research efficiently and to practice the economic licensing process. Additionally, the best-estimate PWR LOCA analysis is conducted on high burnup fuels, providing a realistic thermal-hydraulics boundary condition to investigate fuel integrity. This dissertation studies FeCrAl cladding and high burnup fuel through separate-effects tests and advanced Multiphysics modeling methods in support of the advanced LWR materials development, which is the overriding theme of this work. Each assessment of transient scenarios identified the advantages and challenges of advanced LWR materials associated with the accident scenarios.
[bookmark: _Toc118319814]Transient Flow Boiling Critical Heat Flux Evaluation
CHAPTER 3 presented an experimental and computational thermal-hydraulics analysis of flow boiling transient CHFs. Steady-state internal-flow CHF experiments were conducted at two distinct flow conditions under atmospheric pressure on 316-SS cladding. Various transient power pulses with widths of 1 s were applied to the equivalent reference flow conditions, and transient CHFs were compared with steady-state CHFs. The experimental CHF results at a low-mass-flow condition with extremely low subcooling induced premature CHFs from insufficient power transients. Increasing the power pulse prevented the occurrence of premature CHFs at the given flow condition. Such events were not observed at high-mass-flow conditions, which induced increased transient CHFs compared with steady-state CHF. The post-CHF responses showed insignificant variation relative to the measured transient CHFs and the power pulses. Instead, the onset of film boiling collapse and the rewetting behaviors depended on the mass flow and inlet subcooling. 

The exponential heating periods were used to quantify the relationship between steady-state CHF and transient CHF. The experimentally measured CHFs were fitted to the HSN models and exponential periods. The empirical flow boiling CHFs fitted to the pool boiling correlation showed a similar trend to the existing correlation for subcooled transient CHFs, implying the possibility of predicting flow boiling transient CHFs for mass flows of up to 1,000. From the thermal-hydraulic conditions, nondimensional exponential periods were calibrated for the empirical flow boiling transient CHF correlations. Both pool and flow boiling transient CHF correlations related the exponential heating period to the ratio of transient CHF to steady-state CHF. This finding highlights that accurate prediction of steady-state CHF is crucial for detailed transient flow boiling behavior analysis, especially when the material sensitivity to CHF is significant.

The CHF multipliers were acquired from the best-fit correlations and applied to the RELAP5-3D system code simulation for the boiling model calibrations, enhancing CHF and post-CHF behavior predictions of the PCT. At low mass flow, inserted transient pulses were the dominant parameter driving the temperature rise, limiting the implication of the transient CHF multipliers. The high-mass-flow cases showed a 24.6 % improvement in PCT prediction when the transient CHF multiplier was implemented. Nonetheless, the predicted PCT was conservative compared with the experimental values. A variance-based global sensitivity analysis was carried out to measure the influence of flow boiling heat transfer parameters and cladding material thermal properties on the cladding integrity. The overall results highlighted the dominant impact of the volumetric heat capacity during the transient power insertions. Results also indicated the diminishing implication of the flow and expanding the impact of the heat capacity with increasing power transients. Based on the empirical correlations, the transient CHF multipliers for a representative RIA power pulse were implemented for the generic PWR HZP RIA condition. It showed a less severe thermal-hydraulic response to the transient power pulse than the base model simulations for the UO2-Zircaloy 4 and UO2-FeCrAl fuel systems.
[bookmark: _Toc118319815]Assessment of FeCrAl Cladding Failure during RIAs
CHAPTER 4 presented an experimental analysis and computational validation of FeCrAl cladding responses subjected to RIA-relevant PCMI loadings. The burst behaviors of nuclear-grade C26M FeCrAl alloy claddings subjected to the RIA-relevant PCMI loadings were investigated, covering a wide range of test periods from 20 to 500 ms. These separate effects tests were replicated in the BISON fuel performance analysis code. For the failure behavior analysis, a full-field DIC analysis was conducted on the set of experiments from the MBT setup to calculate the average cladding deformation parameters, including hoop and axial strains, strain rates, and associated experimental uncertainties. Approximately 10,000 data points or subsets from the cladding projections covering the 360° view were used to visualize the mechanical response of the cladding subjected to the dynamic loading caused by the mechanical interactions with the driver tube. Experimental results showed a linear proportionality between the pressurization rate and the burst hoop strain rate. It also showed that the burst hoop strains are smaller at higher strain rates, which agrees with well-accepted behavior in ferritic steel tensile tests at high strain rates. 

MBTs with C26M FeCrAl alloy cladding were simulated, and calculations were compared with the test data for code validation. MBT simulations were calculated with imposed temperature and time-dependent pressure boundary conditions from the experimentally measured records. A 2D MBT model was used for all simulations. The temperature-dependent mechanical models of the Inconel 718 driver tube and C26M alloy cladding were developed, producing good agreement with the experimental data. Under the transient conditions, BISON calculated the cladding burst times and pressures with less than 9 and 12% errors, respectively. Simulation results satisfactorily predicted the overall deformation behaviors and the burst hoop strains, which were well within the experimental measurement uncertainties. The underlying cause of the discrepancies between the observed calculations and the experimental data is likely the uncertainties associated with the driver tube and cladding deformation models, which include the yield strengths and the burst criterion. Current models have not yet considered the implications of high strain rates in mechanical properties. The simulation results of separate-effects tests provide the basis for applying BISON code to model RIA scenarios. 

Sensitivity analysis confirmed that the burst condition subjected to the RIA-relevant PCMI loadings highly depends on (1) cladding yield strength, followed by (2) cladding ultimate tensile strength. Elastic modulus and Poisson’s ratio of FeCrAl cladding did not provide significant means to determine the burst condition. The total order effect Sobol indices for system pressure, Inconel yield strength, and adhesive layer flexural strength were found to be significant, indicating that PCMI will significantly impact cladding burst conditions during RIA. These implications also appear to be related to a given range of uncertainties, but these hypotheses require further study to understand transient fuel rod failure mechanisms better.
[bookmark: _Toc118319816]Assessment of FeCrAl and Zircaloy Cladding Failure during Cyclic Dryouts
CHAPTER 5 presented an experimental and computational analysis of FeCrAl and Zircaloy cladding behaviors to simulated cyclic dryout conditions. Internally pressurized C26M and Zircaloy-2 claddings were subjected to 300°-650 °C thermal cycling in a steam environment. The tests were intended to simulate AOO or ATWS events in BWRs. Zircaloy-2 cladding burst was observed in 1-16 thermal cycles (100 s above 600 °C), with lifetimes strongly dependent on temperature and hoop stress. The nuclear grade FeCrAl C26M alloy cladding survived 54 thermal cycles at significantly higher hoop stress and a similar temperature cycle, remaining undeformed after the cycling. C26M cladding endured a cumulative time over 1000s above 600 °C. Additional thermal cycling at higher temperatures was implemented to generate the failure criteria. It can be concluded that nuclear grade C26M cladding has significantly enhanced accident tolerance under dryout conditions relative to Zircaloy-2.

BISON modeling of SATS experiments simulating BWR cyclic dryouts for the FeCrAl and Zircaloy claddings is presented. The experimentally measured data predicted cladding deformation behaviors with imposed time-dependent temperature and pressure boundary conditions. Mechanical deformation behavior during cyclic dryout is discussed for both FeCrAl and Zircaloy claddings. Post-experiment test specimens were compared with BISON simulation results for validation. A model calibration study was conducted on an empirical C26M FeCrAl alloy creep model with a cyclic dryout test, producing a set of best-estimate creep parameters for stress exponent and activation energy. This best-estimate model was then utilized in a different test data set, producing a 2% difference in maximum diametral strain. During the tests and simulations, continued thermal cycling induced outward creep deformation, which gradually increased applied hoop stress and equivalent stress. These calculations highlight the potential for burst failure induced by plastic deformation in FeCrAl cladding.

BISON well-predicted Zircaloy cladding deformation and bursts with the Zircaloy creep model and the overstrain burst criterion. The plastic instability burst criterion conservatively predicted the burst condition, with the high heating rates produced during thermal cycling. The rupture temperature criterion also produced conservative predictions compared to the tests. Zircaloy claddings sustained low-stress conditions throughout cyclic dryout tests, where hoop stress did not reach burst stress defined by the overstress burst criterion. Cladding may experience a rapid increase in stress in the event of temperature excursion from rewetting failure. Therefore, the combined rupture temperature and overstrain burst criterion is recommended to consider applied hoop stress, temperature, and strain for the potential burst predictions in the fuel performance analysis during BWR instability events. Zircaloy test simulation results compared to ex-situ cladding specimens showed peak diametral strains within measurement uncertainty. The in-situ visualization capability in SATS would bring the high-fidelity temperature and cladding deformation data. It will improve our understanding of FeCrAl and Zircaloy cladding thermomechanical behaviors during BWR cyclic dryout.
[bookmark: _Toc118319817]Assessment of High Burnup Fuels during LOCA
CHAPTER 6 describes a full-core LOCA analysis for a core containing high burnup fuels. RELAP5-3D performed a transient thermal hydraulic evaluation of a select few high-impact high burnup fuel rods. The objective of the initial best-estimate simulations was to provide thermal hydraulic boundaries for high burnup fuel performance analyses using the BISON fuel performance code. With temperature and pressure boundaries provided by the RELAP5-3D, BISON evaluated the steady-state and transient fuel rod response to determine fuel susceptibility to pulverization. The overall objective of the work was to investigate fuel susceptibility, as well as conditions that lead to fuel susceptibility to fuel fragmentation, relocation, and dispersal for a realistic case. It was also designed to identify prototypic LOCA conditions to support accelerated integral LOCA testing. 

Based on the best-estimate thermal-hydraulic evaluations, the two most limiting cases of high burnup pin and peak pin were selected for the fuel system uncertainty analysis. The considered uncertainties include the thermal properties of the fuel and cladding and the geometrical uncertainties of the fuel, gap, and cladding. PCTs of the two cases showed a similar trend over the considered uncertainty parameters. Uncertainty analysis results indicate that the PCT strongly depends on the fuel thermal conductivity and the cladding inner diameter, as it determined the gap conductance from the RELAP5 dynamic gap model.

[bookmark: _Toc118319818]Evaluation of Hypotheses and Unique Contributions
[bookmark: _Toc118319819]Evaluation of Hypotheses
This section reviews and discusses hypotheses presented in Section 1.5 based on the findings described in CHAPTERS 3 – 6.
1. Reflecting transient heating effects on CHF predictions in the nuclear systems code will enhance CHF and post-CHF temperature predictions.
The results shown in CHAPTER 3 confirm this statement. Transient heating effects on CHF are captured in the empirical CHF correlations comparing transient CHF to steady-state CHF with a non-dimensional CHF multiplier defined by an exponential heating period. Transient CHF correlation, a function of rapid heating rate or exponential period and flow condition, is applied in RELAP5-3D nuclear systems code and produces improved CHF and post-CHF temperature predictions compared to default calculation. Discrepancies from CHF predictions came from employing steady-state CHF correlations or the lookup table based on CHF from the departure from fully developed nucleate boiling. In contrast, transient CHF occurs from heterogeneous spontaneous nucleation.
2. High-resolution image data provides an improved understanding of mechanical deformation and burst behaviors during RIA transient.
DIC method was used to calculate full-field high-spatial resolution strain data from high-resolution images taken from the MBT experiments. Post-processed high-spatial resolution strain data classified circumferential and axial strain evolutions throughout the transient loadings, informing complex biaxial stress response to PCMI.
3. BISON can accurately predict a complex PCMI and can reliably be used for novel material concepts, such as ATF materials.
This statement is true since the BISON code correctly evaluated FeCrAl cladding deformation and burst behaviors compared to the DIC-generated strain data. BISON showed its ability to model complex biaxial stress propagation through three layers of materials with adequate deformation behaviors, resulting FeCrAl cladding elastic and plastic deformations until cladding ultimate tensile strength is achieved. Cladding hoop strains showed less than a 1% difference at bursts but burst strain rates showed discrepancies due to the model's inability to capture strain hardening effects. Still, BISON showed reliable performance in modeling complex transient fuel behaviors, and this validation study provides the basis for using BISON for modeling RIA transients.
4. FeCrAl cladding provides an enhanced safety margin relative to traditional zirconium-based cladding in high-temperature dryout conditions.
The experimental results presented in CHAPTER 5 confirm the enhanced safety margin from FeCrAl cladding in high temperature dryout conditions. This study compared cladding responses to thermal cycling in a steam environment, where Zircaloy-2 claddings showed a shorter lifetime compared to the nuclear grade C26M FeCrAl alloy at significantly lower hoop stress but similar thermal cycle conditions. BISON analyses revealed FeCrAl cladding’s superior thermal creep resistance throughout thermal cycling, resulting in a diametric strain of less than 5% over 54 thermal cycles, while Zircaloy-2 cladding exceeded failure strain of 33% at fourth cycles. Although BISON results and ex-situ residual strains were compared to verify material models, additional in-situ temperature and strain measurement using the DIC method is recommended to validate FeCrAl and Zircaloy mechanical models.
5. Degraded thermal conductivity of high burnup fuel reduces fuel safety margin during LOCA.
A prototypic LOCA thermal-hydraulics analysis is conducted externally coupling core design and depletion analysis and fuel performance analysis. Coupling neutronics and thermomechanical analyses to thermal-hydraulics analysis aimed to produce a representative high burnup fuel response to LB-LOCA transient at the end of the 24-month fuel cycle. High burnup fuel rods in the RELAP5-3D LOCA model had burnup-dependent thermal conductivities. An appropriate 24-month core design, resulting in a relatively low linear heat rate and decay heat, and ECCS design produced fuel rod temperature response well below the peak cladding temperature limit of 1,204 °C. Thermal-hydraulics boundary condition of high burnup fuels from RELAP5-3D analysis was supplied to BISON fuel performance analysis, which resulted in intact fuel rods. Although the statement is likely to be true, proper designs of the reactor core, fuel cycle, and ECCS are shown to prevent fuel rod failure during LOCA transient.
[bookmark: _Toc118319820]Unique Contributions
In this section, unique contributions made in this dissertation are narrated. These are novel knowledge for the safety performance of advanced LWR fuel system materials aided by state-of-art experimental and computational tools. The unique contributions of this dissertation are as follows:
1. Assessment of transient power insertion effects on the flow boiling CHFs and post-CHF behaviors.
2. Construction of empirical transient CHF correlation based on flow boiling experiments.
3. Development of methodology to account for transient power insertion effects in CHF predictions in the RELAP5 nuclear systems code, notably increasing accuracy of the CHF and cladding temperature predictions during RIA-like scenarios. 
4. Assessment of FeCrAl cladding behaviors subjected to RIA-relevant PCMI loadings using the DIC method, computing high-fidelity displacements and strains.
5. Validation of FeCrAl cladding mechanical deformation and failure during simulated RIA conditions using current state-of-the-art nuclear fuel performance analysis code: BISON.
6. Quantification of the sensitivity of fuel system mechanical properties to FeCrAl cladding burst behaviors resulted from RIA-relevant PCMI loading.
7. Experimental comparison of FeCrAl and Zircaloy cladding materials subjected to cyclic dryout conditions in a high-temperature steam environment, highlighting FeCrAl cladding’s significantly enhanced survivability under BWR AOO/ATWS transients.
8. Computational analysis of Zircaloy cladding mechanical responses to thermal cycling, verifying cladding deformation and burst models best suited for the fuel performance analysis during BWR instability events.
9. Detailed analysis of FeCrAl cladding mechanical deformation behaviors and potential failure mechanism under BWR AOO/ATWS transients.
10. Calculation of a realistic thermal-hydraulic response of the 4-loop PWR containing high burnup fuels to LB-LOCA, externally coupling VERA, RELAP5-3D, and BISON to evaluate HBFF susceptibility.
11. Quantification of a high burnup fuel system uncertainty to the PCT and the MHF during LB-LOCA transient, highlighting the significance of pre-transient fuel temperatures. 
[bookmark: _Toc118319821]Recommended Future Work
The recommended work for advanced LWR fuels and potential ATF cladding concept is based on experiments and computational analyses of this dissertation. The assessment of transient CHF was performed to demonstrate the enhancement of CHF due to power transients and the possibility of improved CHF and post-CHF behavior predictions in the nuclear systems code. The HSN is likely the triggering mechanism for enhancing CHF to power transients. However, no mechanistic model exists to explain this phenomenon fully. Therefore, investigation of this transient boiling phenomenon at the microscopic level and subsequent development of a mechanistic correlation is necessary to capture rapid heating effects and to increase the accuracy of accident progression thermal-hydraulics analysis. Still, the study in this dissertation showed a systematic method of implementing empirical transient CHF correlation, which improved CHF and post-CHF predictions at atmospheric pressure flow conditions. Applicability of this correlation to the PWR-relevant flow condition is also recommended to correctly predict CHF during accident scenarios caused by rapid reactivity increase. Moreover, the study showed that post-CHF temperature predictions are not impacted by CHF but also impacted by transition and film boiling heat transfer coefficients. Therefore, the same systematic method can be applied to enhance the transition and film boiling correlations, further improving the cladding temperature response to power transients. In addition, with accurate predictions of thermal-hydraulics boundary conditions, significantly improved fuel performance analysis can be conducted to better understand the complex Multiphysics behavior during the accident progression.

The BISON code validation work presented in this dissertation showed its capability to model complex PCMI during RIA-relevant biaxial loadings for unirradiated fresh FeCrAl claddings. A logical next step in experimental evaluation would be investigating irradiation impacts on PCMI failure, as studies in mechanical properties of neutron-irradiated FeCrAl alloys identified radiation-induced hardening and embrittlement. Reduced ductility will reduce the amount of absorbable energy, thereby reducing the cladding failure threshold. The validation study also identified a discrepancy in strain rate predictions. The plasticity model was developed using quasi-static tensile test data, which does not capture strain-hardening effects. FeCrAl alloys are expected to show a change in the yield and ultimate tensile strengths like other ferritic steels when subjected to faster strain rate tensile tests.  Development and implementation of the correlation capturing strain-rate effects is the next step to increased accuracy of mechanical failure modeling in RIA scenarios.

The experimental evaluation of FeCrAl and Zircaloy claddings indicated enhanced accident tolerance and superior survivability from the FeCrAl claddings under BWR cyclic dryout conditions. The fuel performance analysis of FeCrAl and Zircaloy cladding tests provided reasonable predictions comparing residual strains between BISON calculations and ex-situ specimens. Adding in-situ visualization capability with IR and high-resolution cameras will enable online measurement of temperature and strain during thermal cycling by leveraging DIC computation. In-situ cladding deformation responses with detailed temperature profiles will improve C26M and Zircaloy alloy thermal creep models. BISON analysis of FeCrAl tests also identified potential failure by plastic deformation. However, there is a lack of understanding of the high-temperature plastic flow of C26M alloy as data only exists up to 800 C. Tensile tests in a high-temperature environment are necessary to properly model plastic deformation and failure in high-temperature accident scenarios. 

The LOCA analysis of a core containing high burnup fuels provided representative thermal-hydraulic boundary conditions for assessing high burnup fuel performance in detail. Fuel performance evaluation predicted no cladding burst in high burnup fuel rods because cladding did not reach the burst temperature throughout the LB-LOCA. This analysis of the realistic LOCA case certainly provided the basis to extend peak rod average burnup limits above the current regulatory limit. Going forward, safety analysis of RIA is an essential technical basis, as DBAs may result in fuel rod failure. The NRC will impose fundamental acceptance criteria for high burnup fuels to mitigate radiological consequences.

In this dissertation, advanced LWR fuel concepts are analyzed and shown to have the potential for eventual application. However, further testing and evaluation will be needed to build a robust technical basis for licensing. The NRC considers FeCrAl cladding a near-term concept, which requires several additional years of assessments during normal and off-normal environments. At the time of writing this dissertation, IronClad ATF lead test assemblies are being irradiated in Exelon’s Clinton and Southern Nuclear’s Hatch reactors. IronClad is a FeCrAl alloy manufactured by GE/Global Nuclear Fuel that has a similar material composition to the C26M alloy evaluated in this dissertation. The FFRD phenomenon remains an area of significant interest and concern for the high burnup fuel upon licensing its technology. After assessing the current regulatory framework, the NRC plans to apply existing regulations and guidance to support the licensing of near-term ATFs and fuel with higher burnup limits [214]. Hence, U.S. nuclear industry should appropriately correct reactor design and operational characteristics to address FFRD as part of the approval process for high burnup fuels.
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