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Abstract
The 10 kV silicon carbide (SiC) MOSFET is a promising power semiconductor device for high-performance medium-voltage (MV) converters, particularly in grid-connected applications. While offering exceptional device characteristics, its integration introduces significant challenges in the design of auxiliary circuits, thermal management systems, and converter-level testing.
This dissertation addresses these challenges by first focusing on the design of an auxiliary power supply (APS) capable of providing over 10 kV insulation and enhanced electromagnetic interference (EMI) immunity. A comprehensive protection scheme is proposed to isolate faults between multiple outputs, ensuring system reliability. Experimental validation powering a gate driver within an MV converter environment provides practical insights into achieving robust startup behavior and improved EMI resilience.
Temperature sensitive electrical parameters (TSEP) for 10 kV SiC MOSFETs have not been clearly identified in prior literature, yet they are essential for real-time thermal monitoring and health assessment of power modules. This work identifies and evaluates potential TSEPs through both static characterization and double-pulse testing. The influences of gate resistance and load current on TSEP measurements are analyzed to enable accurate calibration across various switching conditions.
At the converter level, the cooling system must not only be thermally effective and compact but also maintain high-voltage insulation between electrical and thermal components. Therefore, electric field simulations are performed to identify insulation stress points and optimize dielectric clearance. This dissertation details the liquid cooling system design, including coolant selection, temperature considerations, flow rate, and pump pressure. For air cooling, airflow distribution across different duct configurations is investigated. 
Finally, the flying capacitor converter is fully tested at a DC voltage of 24 kV, successfully validating the aforementioned design methodologies and demonstrating the converter’s overall performance and reliability under high-voltage and high EMI operation. 
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[bookmark: _Toc197936572][bookmark: _Toc420995890][bookmark: _Toc422997477][bookmark: _Toc427156460][bookmark: _Toc198802384]Introduction 
This chapter discusses the background of wide bandgap (WBG) devices, especially the challenges in the medium voltage application of 10 kV SiC devices. 
[bookmark: _Toc197936573][bookmark: _Toc198802385]Wide Bandgap Semiconductors 
WBG semiconductors are materials such as SiC (Silicon Carbide) and GaN (Gallium Nitride) whose bandgap energy is significantly greater than that of silicon. SiC has been popular to replace Si in medium voltage applications because of the following three benefits: 1) SiC has a ten times higher critical electric field, which enables high voltage application; 2) The high electron saturation velocity in SiC leads to lower switching loss and faster switching speed; 3) The thermal conductivity of SiC is also superior to Si, which offers high temperature operation. 
These capabilities reduce weight, volume, and life-cycle costs in a wide range of power applications. For example, 1) they can benefit electric vehicles by reducing electricity loss in driving and battery charging; 2) WBG devices enable higher efficiency and more compact drives in industrial motors; 3) WBG-based inverters that interface solar and wind energy with the grid can be more efficient due to less device loss [1]. 
Overall, in many ways, harnessing WBG devices contributes to dramatic energy savings in manufacturing electronics, accelerates the widespread use of electric vehicles, and promotes renewable energy integration into the grid [2]. 
[bookmark: _Toc197936574][bookmark: _Toc198802386]Medium Voltage Application of WBG Devices
 WBG devices have been extensively applied in medium voltage systems; the three most common grid applications of WBG devices are introduced as follows:
Solid-state transformer (SST): it is promising in replacing  inverters and high-power line frequency step-up transformers in photovoltaic power generation plants with integrated battery energy storage [3], [4], [5], [6]. The SST involves cascading multiple low-voltage cells to achieve the targeted voltage [5], [7], [8], [9], offering advantages such as active and reactive power flow control and voltage balancing [10], [11], [12]. Implementing high voltage WBG devices can reduce the number of cells, making the SST more reliable and efficient.
Power conditioning system (PCS): for asynchronous microgrids, PCS can provide multiple benefits like under-voltage and under-frequency ride-through capability, smooth transition between grid-connected and islanded modes, unbalanced load support, and isolation of faults [13], [14], [15], [16], [17], [18]. Implementing WBG devices can promote these features as they offer higher control bandwidth due to faster switching frequency.
Solid-state circuit breaker: it can protect electric equipment from overcurrent and short circuit events. Implementing WBG devices can boost response time, lower switching losses, and increase efficiency compared to conventional Si devices [19], [20], [21], [22]. 
[bookmark: _Toc197936575][bookmark: _Toc198802387]Challenges of Medium Voltage Applications 
While SiC devices exhibit superior breakdown voltage, faster switching speed, and higher operating temperature, the design of medium voltage hardware using these devices poses several challenges. These include the need for high voltage isolation, robust electromagnetic interference (EMI) resilience, and sufficient cooling [3], [6], [23], [24], [25]. These challenges are discussed in detail as follows [26], [27], [28].
[bookmark: _Toc197936576][bookmark: _Toc198802388]Challenges in High Voltage Isolation
When a SiC device is utilized in higher voltage scenarios, the demand for higher voltage insulation extends to other crucial components within the system, including the auxiliary power supply (APS) and the cooling system [29], [30], [31], [32].
As the voltage excitation is often a high frequency pulse width modulation (PWM) waveform, the insulation material degrades faster under the high voltage change at a high frequency. Also, the faster switching transient causes a higher voltage slew rate, which wears down the insulation more rapidly than conventional applications with a mild voltage slew rate. This requires more reliable insulation on the APS and cooling system to withstand long-term high voltage stress.
APS is connected to the gate driver ground which is a high voltage floating reference. Many commercial APS solutions currently available in the market provide insulation levels that fall short of the demands posed by medium voltage (MV) applications, which frequently exceed 10 kV. Ensuring electrical isolation under such conditions requires substantial creepage and clearance distances. This presents a significant design challenge, as APS is typically intended to be compact in order to reduce the overall size of the converter. The trade-off between insulation performance and size becomes critical in multilevel architectures, where the number of APS units scales with the number of levels, further constraining insulation design.
With air cooling, the heatsink voltage affects the electric field distribution in the power module. To ensure the insulation integrity of the power module, the heatsink is recommended to be connected to the source of power module, which is a floating high voltage. Thus, the insulation must be carefully designed between heatsink and adjacent electrical components, between heatsinks at different voltage levels, and between heatsink and low voltage fan [14] [15]. 
[bookmark: _Toc197936577][bookmark: _Toc198802389]Challenges in EMI Tolerance 
SiC devices present formidable EMI challenges, primarily stemming from their rapid rate of change of voltage (dv/dt), which can exceed 100 V/ns during switching transients. Managing conductive EMI emanating through the gate driver and APS poses a significant hurdle, as their propagation path is complicated due to multiple coupling paths within the system. It is challenging to accurately model or measure the total coupling capacitance, especially the interwinding capacitance between the primary side and the secondary side of APS.
To mitigate the common mode (CM) current flowing from the secondary to the primary side of APS, many efforts have been made to minimize interwinding capacitance. Researchers have streamlined transformer structures, simplifying them to a basic capacitance model to reduce the capacitance to less than 5 pF. However, the designs are dedicated to specific transformer configurations. There lacks a common method that compares the interwinding capacitance between different core shapes to guide the selection of the core in the initial stage. Thus, it is valuable to investigate how the core shape influences the capacitance given the same winding condition.
[bookmark: _Toc197936578][bookmark: _Toc198802390]Challenges in Thermal Management 
While SiC devices are known for their higher operational temperatures, their relatively small die size renders them more susceptible to thermal runaway issues. Unlike low voltage (LV) power modules, thermistors are generally not packaged near the die or on the substrate in 10 kV power modules for temperature monitoring, due to the risk of dielectric breakdown under strong electric fields. To overcome this challenge, numerous research has been dedicated to identifying temperature sensitive electrical parameters (TSEPs). These parameters serve as valuable indicators of temperature variations during either static or dynamic switching state. They can provide a fast response without disrupting the normal operation of the device. 
While TSEPs for low voltage SiC MOSFETs (1.2 kV, 1.7 kV) have been extensively studied, TSEPs for high voltage SiC MOSFETs (10 kV) have not been fully investigated. The variation in TSEPs between 1.2 kV / 1.7 kV SiC and 10 kV devices is primarily driven by differences in device architecture and fabrication processes necessary to support higher breakdown voltages. Higher voltage SiC devices require more robust structural features, such as thicker drift regions, advanced edge termination designs, and increased overall device thickness to maintain effective voltage blocking. These structural improvements alter the device's thermal characteristics, resulting in distinct TSEP profiles compared to lower voltage counterparts. Therefore, it is beneficial to find suitable TSEP for 10 kV SiC MOSFET to prevent thermal runaway issues.
Another aspect of the thermal management is the cooling system that dissipates the heat from device conduction loss and switching loss. It becomes challenging in MV applications as the sheer amount of heat requires bulky heatsinks and cold plates, making it difficult to meet the power density requirement simultaneously. 
Numerous studies have concentrated on optimizing shapes and sizes of individual cold plate and heatsink to achieve optimal cooling performance. However, in multilevel converter, the flow rate of the coolant or the air passing through multiple cold plates and heatsinks varies and affects the actual cooling performance. It is necessary to investigate potential methods of providing uniform flow rate to reduce hot spots in the system.
[bookmark: _Toc197936579][bookmark: _Toc198802391]Dissertation Outline
This chapter offers an overview of the current state-of-the-art in implementing SiC devices in MV converters. It highlights key challenges in three critical design areas: high insulation voltage, EMI tolerance, and thermal management. The chapter also details how these challenges manifest in the APS and the cooling system.
Chapter 2 presents a comprehensive survey of the design and protection of APS, TSEP selection for high voltage SiC devices, and cooling design for MV converters. 
Chapter 3 focuses on APS design considering voltage insulation and capacitance minimization.  Protection methods on both the primary and secondary sides are compared. 
Chapter 4 discusses TSEP selection based on static and dynamic tests, providing numerical expressions for estimating temperature linearity and demonstrating the impact of gate resistance and load current on temperature sensitivity for each potential TSEP. An over-temperature protection method is also proposed for 10 kV SiC MOSFET based on sensing turn on di/dt.
Chapter 5 establishes a cooling system design with a focus on high-voltage insulation, presenting liquid cooling design procedures regarding flow rate and pressure drop, and comparing air cooling designs of different types of airducts.
Chapter 6 details the design and testing procedures for an 8-level flying capacitor converter. This chapter focuses on component selection to achieve high voltage operation and limiting overvoltage on the power modules. The testing procedures provide a systematic approach in testing high voltage and high power converters.
Chapter 7 introduces a 5-level flying capacitor converter featuring a differently packaged 10 kV SiC power module. The packaging impact on the power module insulation and switching loss is investigated. At the converter level, methods of preventing overvoltage protection false triggering are presented.


[bookmark: _Toc197936580][bookmark: _Toc420995911][bookmark: _Toc422997498][bookmark: _Toc427156483][bookmark: _Toc198802392]Literature Review
[bookmark: _Hlk194757663]Utilizing SiC MOSFET in MV grid connected converter brings benefits of reduced component count, higher control bandwidth and lower power loss. At the same time, it brings challenges in converter design due to elevated operation voltage, strong EMI noises and thermal management. To tackle the first two challenges in APS, this literature review mainly focuses on: 1) different categories of APS based on their insulation requirements and common insulation techniques, 2) interwinding capacitance model to reduce CM current interference, 3) APS protection to ensure reliable operation during fault. 
To tackle the third challenge, it is crucial to monitor the temperature of high voltage SiC MOSFET and prevent thermal runaway. Thus, common TSEPs and evaluation of 10 kV SiC MOSFET are reviewed. On the other hand, to dissipate heat effectively, liquid cooling, two phase cooling and air cooling are reviewed. Details are presented as follows. 
[bookmark: _Toc197936581][bookmark: _Toc198802393]Design and Protection of APS
[bookmark: _Toc197936582][bookmark: _Toc198802394]Local APS and Centralized APS 
[image: A diagram of a power supply system

AI-generated content may be incorrect.]Generally, two categories of APS, local APS and centralized APS, are implemented in MV multilevel converters. Local APS extracts energy from its local submodule DC bus, shown in Figure 2.1. 
[bookmark: _Ref194867654][bookmark: _Toc198285575][bookmark: _Toc198802651]Figure 2.1. Local APS extracts power from submodule capacitor.
[bookmark: _Local_APS]In this case, the input of APS is  considering an N level multilevel modular converter (MMC) ，where the DC link voltage is  and the output is low voltage 15 V-24 V DC, which demands a high step-down voltage ratio and high voltage insulation between the primary side and the secondary side. In the centralized APS hierarchy, APS is powered from outside the converter at low voltage. The requirement on voltage ratio is relaxed, but compared to the local APS structure, the insulation requirement for the centralized structure is increased from the submodule DC voltage to the full converter DC voltage. 
Local APS
When submodule dc link voltage is above 2 kV, to achieve a high step-down voltage ratio and tolerate high input voltage, three methods are often implemented in local APS: 1) input-series output-parallel (ISOP) dc–dc converters; 2) switched capacitor converters (SCC); 3) connecting low voltage devices in series. 
The ISOP topology [33], [34], [35], [36], [37] reduces each converter module's input voltage rating within 1 kV, simplifying power device selection. However, challenges include the need for multiple transformers and numerous switching devices, resulting in a complex and bulky structure. Control issues like input capacitor voltage sharing and overvoltage protection pose additional challenges. Integrated transformers address these concerns but become more complicated with an increased number of series-connected modules [38], [39], [40]. 
SCC employs a capacitive voltage divider to handle high input voltages, allowing the output voltage to be drawn from a single capacitor [41], [42], [43], [44], [45], [46]. This eliminates the need for power devices with high voltage ratings. However, to ensure equal voltage sharing, auxiliary semiconductor devices and magnetic components must be connected between adjacent capacitors. Nevertheless, as the voltage level rises, the demand for power devices, clamping diodes, and flying capacitors increases significantly, resulting in control complexities. These drawbacks render multilevel converters less appealing in APS applications.
Connecting low voltage devices in series reduces the complexity of circuit structure and control. However, addressing dynamic voltage imbalance, resulting from unmatched gate driver and device parameters, becomes a new challenge [47], [48], [49], [50]. Faster turn-off or slower turn-on devices may experience higher transient voltage. Simple resistor-capacitor (RC) snubbers can achieve dynamic voltage balancing in APS but may lead to significant snubber losses when optimal voltage sharing is required. Other methods like active delay time control, variable-speed gate drives [51], and closed-loop gate drives [52] are effective but involve costly and complex circuits, making them less appealing in APS applications [53].
Another challenge of local APS occurs during the initial power-up of the converter. This often includes sensing the input voltage and then starting to power up the APS primary side device gate driver with an additional DC/DC circuit once the input voltage reaches the threshold.
Centralized APS
In the centralized APS hierarchy, as shown in Figure 2.2, all APS inputs share a common energy source from the utility, which is often at low voltage. However, because the APS output is connected to the gate driver ground and the switching device floating source, the minimum insulation voltage for the centralized APS can be as high as the full DC voltage of the converter, which is significantly higher than local APS [54], [55], [56], [57]. 
Comparison Between Local APS and Centralized APS
A comprehensive comparison between local APS and centralized APS is conducted in this subsection. 
Local APS is preferred in systems where the submodule DC-link voltage is below 3 kV, the number of submodules is high, and the total DC bus voltage is high. Within this range, insulation voltage requirements are moderate, making local APS cost-effective as listed in Table 2‑1. However, for higher voltages, such as 6.5 kV submodule DC voltage for 10 kV SiC MOSFETs, local APS becomes less favorable. These include the need for a transformer with a much higher step-down ratio and insulation capability, which results in increased size and weight more than offset the benefit it brings.
To withstand 6.5 kV input voltage, series-stacking three 3.3 kV SiC or five 1.7 kV SiC becomes far more costly. Given the limitations of local APS, centralized APS, as illustrated in Table 2‑2, is a more practical and reliable approach for 10 kV SiC MOSFET-based converters. 
In summary, local APS is preferred in systems where the submodule DC-link voltage is below 3 kV, the number of submodules is high, and the total DC bus voltage is high, as typically seen in high-voltage direct current (HVDC) applications. Conversely, centralized APS is more suitable for medium-voltage applications with submodule DC-link voltages above 3 kV, fewer submodules, and a relatively low DC voltage.
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[bookmark: _Ref194913163][bookmark: _Toc198285576][bookmark: _Toc198802652]Figure 2.2. Centralized APS is powered by an external power source.



[bookmark: _Ref194867855][bookmark: _Toc194913481][bookmark: _Toc198802617]Table 2‑1 Typical local APS operation voltage range, power rating and topology comparison.
	Reference
	Input voltage
	Output voltage
	Power rating
	Topology
	Device

	[58]
	200-900V
	15 V
	20 W
	Flyback
	1.5 kV/2 A 2SK4177 MOSFET

	[59]
	230-1300V
	48 V
	80 W
	Two switch flyback
	1.7 kV MOSFET

	[60]
	2800V
	36 V
	100 W
	ISOP 3 stage flyback
	NA


[bookmark: _Ref194867881][bookmark: _Toc194913482][bookmark: _Toc198802618]Table 2‑2 Centralized APS ratings, insulation performance and topology comparison.
	Reference
	Output
voltage
	Power rating
	Partial discharge inception voltage
	Topology
	Coupling
capacitance

	[61]
	NA
	1.67 W
	16.4 kV
	Resonant flyback
	5.85 pF

	[62]
	24 V
	20 W per output
	15 kV
	LCCL-LC
	3.6 pF

	[57]
	24 V
	2.5 W
	15 kV
	Flybuck
	1.03 pF





[bookmark: _Toc197936583][bookmark: _Toc198802395]Insulation Design
Insulation design is a major part in the APS design process for MV applications. Usually, higher than 10 kV insulation is required from the primary side to the secondary side. There are three common methods to meet this stringent standard: magnetic isolation [63], wireless power transfer [65], and optical fiber transfer [65].
The most common method of achieving insulation is using the isolation transformer. The insulation between the transformer primary and secondary windings is often improved by materials with high dielectric strength, such as air, Kapton tape, and silicone gel or epoxy [66]. When using air as the sole insulation, creepage and clearance distances are often designed according to the standard UL 60950 [67]. 
Kapton tape offers insulation up to 10 kV, but the air trapped between layers makes it difficult to achieve higher partial discharge (PD) free performance [68]. Silicone gel and epoxy are promising candidates that encapsulate the windings and the cores with a vacuum pressure potting (VPP) procedure to extract the air and impurities from the material. The PD test can measure up to 20 kV. The thermal properties of these materials should also be considered so that heat from the transformer can be dissipated effectively [69]. For a planar transformer with PCB windings, the insulation between copper layers is strengthened by high voltage FR4 materials [70] .
The second method is wireless power transfer, which naturally provides high insulation voltage because the inductive coils are separated at a distance. The transmitter coils and receiver coils are placed face to face with an air gap in the middle. To reduce the air gap distance, high insulation voltage material Arlon 85N is used to replace air and fabricated together with the PCB coils [71], which is similar to a planar transformer.
The third method is using optical fiber transfer. The gate driver power is supplied by a laser light, which is transmitted through an optical fiber to the gate driver. It has negligible interwinding capacitance and provides a small weight and compact APS design. However, the power transmitted is limited to 0.5 W, and the laser emitter is relatively expensive compared with the other two methods [72]. It would not be cost-effective to use multiple laser emitters to power many submodules in an MV converter. 
The insulation design involves electric field simulation in Ansys Maxwell to examine the weak point that experiences the highest electric field. The process starts by drawing real-size windings and cores in the model. Then the insulation material between them is assigned with specific relative permittivity and dielectric strength. If the highest electric field strength in the model is within the dielectric strength of the material with some margins, the insulation is often considered adequate [73]. 
Still, the insulation can be further verified by hipot test to check if the leakage current becomes substantial under the rated voltage. In some literature, partial discharge (PD) test is also used to examine the insulation degradation and reliability [74].
[bookmark: _Toc197936584][bookmark: _Toc198802396]EMI Tolerance
The voltage slew rate of the 3rd generation 10 kV SiC MOSFET can reach 100 V/ns, which acts as an CM voltage source, and generates a CM current through the APS interwinding capacitance between the primary side and the secondary side. The CM model of a half bridge is shown in Figure 2.3. The APS primary side ground is referenced to the ground. Z1 represents APS primary impedance, Z2 represents APS secondary impedance, and  represents the interwinding capacitance between the two sides.
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AI-generated content may be incorrect.]
[bookmark: _Toc198802653]Figure 2.3 APS grounding scheme.
[bookmark: _Ref156759241]It can be explained under the assumption of 100 V/ns slew rate and 50 ns transient time; 500 mA common mode (CM) current is produced for a 5 pF interwinding capacitance due to Cdv/dt. At 0.35/(50 ns)=7 MHz, this current would cause 0.44 V voltage peak if 20 nH  ground plane inductance is assumed [75]. This threatens the sensitive analog and digital signal processing circuit, which undermines the gate driver reliability [76]. Thus, most designs strive to achieve a less than 5 pF interwinding capacitance to reduce the high dv/dt impact. 
The real CM conduction path can be more complicated as there are multiple sources of dv/dt [77].  To mitigate this issue, the switching speed of the device can be reduced, but this brings higher switching loss and lower efficiency. Another method is to increase the impedance in the CM loop by adding CM chokes. It may not be effective as the propagation path is unclear. Thus, the most common approach is to minimize the interwinding capacitance of the APS. Existing work has sought to simplify the interwinding capacitance to simple geometry for optimization. 
The transformer-based APS, discussed in this paper, can at best reduce the interwinding capacitance to less than 2 pF [78]. Several structures are presented as state-of-the-art.
 One is the toroidal core structure with a single primary turn situated in the middle [62], [79], [80], [81],where the interwinding capacitance can be simplified and modeled as a cylindrical capacitance between the primary copper cable and core shown Figure 2.4. The capacitance is given by (2.1).
 
where  is the relative permittivity of material between the core and wire, and   is relative permittivity of the cable insulation. Another method of achieving a low interwinding capacitance with good standardization is using a PCB winding around a C core shown Figure 2.5.
 The total interwinding capacitance is made of three parts, total capacitance from primary winding to core , total capacitance from secondary winding to core, and primary to secondary winding capacitance  as presented in (2.2). The first two parts are in series and then in parallel with the third one. Each part of the capacitance can be adjusted by the PCB trace length, trace height and PCB trace to core distance [56].
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[bookmark: _Ref198390184][bookmark: _Toc198285578][bookmark: _Toc198802654]Figure 2.4. Cylindrical capacitance between windings of a toroidal core [62].
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[bookmark: _Ref194915231][bookmark: _Toc198285579][bookmark: _Toc198802655]Figure 2.5. PCB winding to core capacitance distribution [56].



The third design of minimizing interwinding capacitance is using two E cores facing each other, separated at a distance as shown in Figure 2.6. This design models the two parallel plate capacitance which can be adjusted by the area of two cores facing each other, the distance between the two plates, and material relative permittivity [99].
In some cases, an impedance analyzer can measure the interwinding capacitance to verify the design. The APS can also be tested with the gate driver and power device. By measuring the CM current   of the APS during device switching transients, the interwinding capacitance can be calculated by  where  is the voltage slew rate.
[bookmark: _Toc197936585][bookmark: _Toc198802397]APS Protection
Commercial isolated DC-DC APS, such as the PRC10W, incorporate basic protection mechanisms including Zener clamps for overvoltage protection, hiccup mode for overcurrent protection, and auto-recovery for short circuits. Similarly, single-input single-output APS employing primary-side regulated flyback or flybuck topologies feature integrated overcurrent and overvoltage protection. These topologies inherently contain faults within a single output, ensuring that failures do not affect other subsystems.
However, in single-input, multi-output APS, protection design is significantly more challenging. Since multiple outputs share a common power stage, a fault at one output can destabilize the voltages of all outputs simultaneously, making conventional protection schemes ineffective. This interdependence necessitates advanced fault isolation techniques to maintain stable operation across all outputs.
Some resonant topologies exhibit inherent fault tolerance. For instance, the LCCL-LC topology offers a degree of fault isolation because its current transformer-like behavior ensures that output voltage remains independent of load resistance, because of secondary resonant compensation [109]. However, its applicability in high-voltage auxiliary power supplies remains an area of further investigation.
Conversely, the widely adopted LLC series-connected converter presents a major challenge: it is highly susceptible to hazardous overvoltage at the output under open-circuit fault conditions [11]. One approach to mitigate this issue involves adding a bleeder resistor at the output [12], but this method reduces efficiency and fails to address output voltage dynamics under short-circuit conditions. Another study [111] proposes hysteresis-based protection, yet no experiment
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[bookmark: _Toc198802656]Figure 2.6. Planar capacitance between two E cores [69].



validation under fault conditions is provided, leaving a critical research gap in developing an effective fault protection scheme for series LLC converters.
Given these challenges, the design of fault-tolerant multi-output APS requires a novel protection approach that can effectively isolate faulty outputs while ensuring stable operation for the remaining outputs. Future research will focus on developing and testing robust protection mechanisms tailored to series LLC topologies, aiming to enhance fault isolation and system reliability.
[bookmark: _Toc197936586][bookmark: _Toc198802398]TSEP Selection for 10 kV SiC MOSFET
Excessive heat is a major cause for device degradation and failure. Therefore, to protect switching devices from overheating, junction temperature monitoring is crucial in health management. TSEP is a popular method because it is easily measurable and offers a fast response. It can monitor the device online with a certain level of precision and not interfere with the normal operation of the device.
TSEPs are divided into two types: static TSEPs and dynamic TSEPs. Static TSEPs refer to the parameters that can be measured during conduction stage, such as ON-state resistance. Usually, device characterization under different temperatures can be done with a curve tracer, a hotplate and a temperature sensor. By doing the forward conduction characterization, the ON-state resistance can be calculated under a given gate voltage at different temperatures. Transfer characteristics investigate the relation between drain current and gate voltage, where transconductance can be extracted to determine its temperature dependency. This parameter also helps us to understand the impact of temperature on switching transients. 
Dynamic TSEPs are parameters from switching transients, for example turn on delay time, current rise time and voltage fall time during turn on. At a given current, the current rise time is inversely proportional to the current slew rate. Thus, if one of these parameters is temperature sensitive, then the other one is also temperature sensitive. The same assumptions go with voltage fall time and voltage slew rate. In the same manner, during the turn off transient, turn off delay time, current fall time and voltage rise time are often examined for selection of TSEPs. 
[bookmark: _Toc197936587][bookmark: _Toc198802399]TSEP of Low Voltage Devices
TSEP is widely discussed in 1200 V IGBT power modules [82], [83].On-state voltage of the IGBT is often utilized as TSEP, but it can be intrusive on the hardware to measure. Also, it shows a low resolution of a few millivolts per Celsius. In [84], turn off di/dt is used as a TSEP, where voltage overshoot on leakage inductance of the Kelvin source is measured. In [85], voltage overshoot caused by turn off di/dt on bus parasitic inductance in the commutation loop is measured to monitor the temperature. This method reduces the number of overshoot voltage sensing circuits but has to be calibrated for the specific converter as the commutation loop changes. Unlike IGBTs, turn off di/dt is not temperature dependent for SiC MOSFET [86], thus other TSEPs are adopted instead.
On-state resistance is calculated in [47] for temperature estimation of a 1.2 kV SiC MOSFET, which requires both measurement circuits for drain-source current and voltage. Turn off delay time is  measured in [87], it has the advantage of being independent of the current. A large gate resistance of 150  is used to increase its sensitivity which significantly increases the switching loss. Reference [88] offers a comparison between threshold voltage, on state resistance, and switching transients of 1.2 kV SiC MOSFET from different manufacturers, which show similar trend with increasing temperature. 
[bookmark: _Toc197936588][bookmark: _Toc198802400] TSEP of 10 kV SiC MOSFET
Few studies have specifically addressed TSEP for 10 kV SiC devices, leaving a significant gap in overheating protection and device health monitoring. As power modules operate at higher voltages and temperatures, their electrical characteristics shift due to intrinsic material properties. Identifying a reliable TSEP is crucial for real-time thermal monitoring and early fault detection in high-voltage applications.
A model of 10 kV discrete device switching behavior under varying temperatures is presented in [114], offering insight into temperature-dependent variations in turn-on delay, turn-off delay, and switching losses. However, this study does not establish a quantifiable and specific TSEP that can serve as an indicator for overheating conditions. Most existing studies on 10 kV SiC MOSFETs focus on conventional electrical parameters, such as on-state resistance and threshold voltage, which, while temperature-dependent, may not be sufficiently sensitive [116]. A lack of comprehensive studies on temperature-sensitive behaviors in 10 kV SiC power modules hinder the development of effective thermal protection schemes, which are critical for ensuring long-term reliability in medium-voltage power converters.
[bookmark: _Toc197936589][bookmark: _Toc198802401]Cooling Design for MV Converter
In power electronic converters, the cooling system effectively dissipates the heat to prevent device damage from excessive temperature [89].Various technologies have explored removing heat at the device level by packaging liquid microchannels or heat pipes into the power module itself [90], [91]. Still these endeavors are in the research stage when most commercially available power devices rely on external cooling. Cooling system generally targets major heat sources in the converter, such as power devices, busbar, inductor and transformer [92], [93], [94]. And different cooling methods are applied based on specific requirements of thermal efficiency, size, weight, and cost. Liquid cooling, air cooling and two phase cooling such as heat pipe and vapor chamber are widely used [95], [96].
[bookmark: _Toc197936590][bookmark: _Toc198802402]Liquid Cooling
Liquid cooling has the highest heat conductivity and can transfer heat up to 4X higher than the capacity of air of the same mass. A liquid cooling system is a hydraulic circuit that consists of a cold plate that interfaces with the device (heat source), a pump that circulates the coolant through the system, and a chiller that dissipates the heat absorbed by the coolant from the device.
The most basic heat exchange element is the cold plate in which the coolant runs through and carries heat away. It has a lower profile than a heatsink with air cooling for the same application. Its thermal performance is determined by the cold plate structure, coolant, and air velocity. 
The cold plate structures are classified into four major types. 1) Formed tube cold plate, which coolant tubes are soldered to the cold plate or with thermal epoxy. This is the least complex cold plate. With limited thermal performance, it is used in low power applications. 2) Deep drilled cold plate have deeps holes drilled into the plate to reduce the thermal resistance between the tube and the plate. 3) Pocketed fold fin cold plate. To further improve the thermal performance, folded fins are inserted in the pockets of the cold plate. 4) Microchannel liquid cooling (MLC) [97].These four types of cold plates are shown in Figure 2.7. In MLC, multiple micron (30-150) channels are machine cut into the plate. MLC is suitable for high heat flux applications, such as inverter in aircraft where the cooling capability requires higher than 100 . [98]
A suitable coolant improves cooling performance, reduces maintenance effort, ensures safety, and meets environmental compliance. However, choosing the right coolant depends on the operation temperature, heat transfer capacity, material compatibility and safety concerns. Water is the most common coolant for its high thermal conductivity. It often requires purification process to remove chemicals and contaminants away.
Deionized (DI) water has the same thermal properties as water, and has its ions removed including sodium, calcium, iron, and copper. Thus, it is an excellent insulator, typically used in 
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[bookmark: _Ref198391603][bookmark: _Toc198285581][bookmark: _Toc198802657]Figure 2.7. (a) Formed tube cold plate (b) Deep drilled cold plate (c) Pocketed fold fin cold plate (d) Microchannel [97].	







medium and high voltage applications to prevent electric breakdown between high voltage components. Deionization uses a resin bed filter to remove these ions and impurities. To maintain the dielectric property of DI water, it must be filtered from time to time, which increases the operation cost. Also, with its nature of absorbing ions from contact surface, it is highly corrosive. Thus, only stainless-steel cold plate and chiller can be used with DI water。
Propylene glycol (PG) and Ethylene glycol (EG) are organic compounds that can lower the freezing point of water and increase its boiling point. Thus, glycol and water mixture can operate in both cold and hot environments as the operating temperature range is around (-45 to 106)EG is used in combustion engine cooling. PG has reduced heat transfer efficiency than water due to low thermal conductivity and specific heat. It is also more expensive than water. Proper disposal is necessary due to its toxicity.Synthetic mineral oils are nonconductive and non-corrosive. It is designed for submersion cooling that offers uniform cooling to the components immersed in the oil. It is thermally stable and evaporates over a lengthy period [99]. However, implementation brings safety concerns as oil is flammable. Oil has higher viscosity than other coolants, causing higher pressure drop.
Several properties of the coolant need to be considered when evaluating its thermal performance. Thermal conductivity measures how efficiently a fluid can transfer thermal energy through conduction. Specific heat is the amount of energy needed to heat up 1 gram of a substance 1 Celsius. Viscosity measures the fluid’s internal resistance, which is often related to the thickness of the fluid and affects the pressure drop. The coolants discussed in the previous sections are listed below in Table 2‑3.
The cold plate is connected to a chiller, which removes the heat from the coolant and circulates it back to the cold plate at a constant temperature and air velocity [100]. Chillers employ vapor compression refrigeration. It consists of a compressor, condenser, evaporator, and expansion valve, where the refrigerant undergoes phase transitions to cool the coolant. [101]. As there are many parts in liquid cooling, the installation, operation and maintenance take much more effort and cost than air cooling. Selecting a chiller depends on four factors: 1) heat load produced by the cooled device (Q), 2) the maximum allowable temperature for the fluid leaving the heat source (), 3) the available fluid air velocity, and 4) the ambient operating conditions (V̇). Frequently, equipment manufacturers provide specifications for the set point temperature

[bookmark: _Ref156760023][bookmark: _Toc194913483][bookmark: _Toc198802619]Table 2‑3 Common coolant comparison.
	Fluid
	Thermal conductivity (W/mk)
	Specific heat (J/kgK)
	Viscosity (cP)
	Boiling point (°C)
	Freezing point (°C)

	Water
	0.580
	4186
	1.00
	100
	0

	Deionized Water
	0.606
	4200
	1.00
	100
	0

	50-50 Water / Propylene Glycol
	0.357
	3559
	5.20
	106
	-45

	Mineral Oil
	0.136
	1700 to 2100
	10 to 1000+
	218-643
	-40









and air velocity required for a chiller. In such instances, the process of choosing a recirculating chiller becomes straightforward. To determine the operational parameters of a chiller system, identify the intersection point between the specified cooling capacity and the setpoint temperature  within the performance characteristic curves in Figure 2.8. Any chiller with a performance curve at or above these points ensures sufficient capacity. Subsequently, refer to the pump graph in Figure 2.8 to choose a pump that aligns with the desired flow rate for the recirculating chiller [102].
[bookmark: _Toc197936591][bookmark: _Toc198802403]Two-phase Cooling
The thermal performance of two-phase cooling is better than air cooling and lower than liquid cooling. Two-phase cooling is a passive system with no moving components like fans or pumps, thus it requires minimum maintenance and is highly dependable. The most common types of two-phase cooling are heat pipe, vapor chamber, and thermosiphon. 
Heat pipes are metal pipes with working fluid (water) sealed inside. When one end of the heat pipe in contact with the heat source heats up, its working fluid evaporates and absorbs the heat.
Then the vapor moves to the lower temperature end of the heat pipe and condenses back to liquid form and returns to the heat source through capillary structure. This cycle of vaporization and condensation runs continuously and removes heat rapidly [103]. Thus, the maximum heat flux of heat pipes can reach above 300 . 
Heat pipes are very versatile as they can be bent, and their size and length can be adjusted. Three examples are shown here: 1) heat pipe integrated with heatsink; 2) heat spreader embedded with heat pipe for cooling and 3) heat pipe heat exchanger designed for electronic enclosure cooling, which carries heat away from the source and dissipates it at the surface of the enclosure [104] in Figure 2.9.
However, it can be daunting to select the right heat pipe, as its performance can be undermined. Some vendors provide online calculators to choose the specific length, diameter, coolant material, and wick structure based on heat load and ambient temperature. There are still limitations that undermine its thermal performance. Viscous forces prevent vapor flow inside the heat pipe due to low vapor pressure. Capillary refers to the capillary action in wick structure that cannot overcome gravitational and vapor flow pressure drop [106].
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[bookmark: _Ref156760086][bookmark: _Ref156760079][bookmark: _Toc198285582][bookmark: _Toc198802658]Figure 2.8. Chiller cooling capacity curve and pump pressure curve [102].
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[bookmark: _Toc198802659]Figure 2.9. (a) heat pipe integrated with heatsink (b) heat spreader (c) Heat pipe heat exchanger [105]. 


Vapor chamber uses the same cooling theory of phase change process as heat pipes, but it houses vapor within a flat rectangular chamber rather than a pipe. Heat pipe has only one direction of heat spreading, which is along the axis. While vapor chamber can transfer heat in two dimensions, via a plane [107]. Vapor chamber is ideal in spreading heat more evenly through the surface, and is capable of transferring a large amount of heat [108]. It has a higher cost due to pressing two copper plates and sealing in the manufacturing process.
Like heat pipe, vapor chamber can be integrated into a heatsink base to transport heat quickly. In constrained spaces, they serve as highly efficient thermal spreaders, frequently employed in mobile phones and tablets. Alternatively, they may have attached fins for cooling purposes in servers, gaming consoles, routers, and larger industrial or aerospace applications [108].
Thermosiphon is also a passive and two-phase cooling system. It relies on gravity to circulate fluid instead of a capillary wick structure as introduced in heat pipes and vapor chamber [109]. A thermosiphon consists of an evaporator, a fluid loop, and a condenser as shown in Figure 2.10.
The evaporator is located below the condenser so the working fluid can return by gravity. Without the constraint of wick structure, it can carry a larger heat load over a longer distance than heat pipes [110]. Also, thermosiphon offers similar temperature across the whole assembly when there is multiple heat source. It is adopted in wind and solar IGBT inverter cooling. One disadvantage of thermosiphon is that it requires custom design, thus it can be more complex than off-the-shelf heat pipe constructions.
To summarize, heat pipe, vapor chamber and thermosiphon use two-phase cooling in which the cooling liquid absorbs heat and turns into vapor in the same enclosure, but they rely on different structures to circulate liquid back to the heat source area. They offer different level of heat capacity. They are implemented when forced convection cooling with heatsinks is not adequate for the heat load, or space limitation calls for lower profile. Manufacturers impose significantly higher charges for two-phase cooling due to its customized design and manufacture complexity. And the lead time is longer compared to other off the shelf products like heat sink and cold plate.
[bookmark: _Toc197936592][bookmark: _Toc198802404]Air Cooling
Air cooling usually consists of a heat sink and a fan. It is very cost-effective and requires little maintenance. Heat sinks dissipate heat from the heat source to ambient air with a large surface area to maximize heat transfer. Their common function involves conducting the heat from the
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[bookmark: _Ref197525055][bookmark: _Toc198285584][bookmark: _Toc198802660]Figure 2.10. Thermosiphon [109]. 













[bookmark: _Ref197525109]base to fins with increased surface area and subsequently transferring heat to the surrounding air. There is a large variety of heat sinks that depend on application parameters such as volume, weight, air flow, flow type and environmental conditions as shown in Figure 2.11.
Extruded aluminum is one of the most cost-effective heat sink fabrications. It is usually employed in low to medium power applications. It can be scaled to high volume and offers simple customization. Because of its one-piece construction, it has limitations on maximum size.
A bonded fin heat sink is a dual-component assembly comprising an extruded or machined base featuring grooves or slots, and fins affixed using a thermally conductive bonding agent, commonly epoxy or soldering. With a higher number of longer fins, it offers better thermal performance. 
Zipper fin stacks are constructed using a sequence of individual stamped metal fins, which are folded and interlocked through zipper-like features. Depending on the application requirements, the fins can be closed to form a finned duct or left open to allow multi-directional airflow.
Due to the high-power dissipation in MV converter, forced convection cooling is commonly applied. The fan provides a certain air velocity to direct cooler air into the heatsink or power device and forcing hot air out of the assembly. Fans are active components in which a motor rotates a bladed impeller around a central axis to induce air movement, resulting in a straight flow along the fan axis. Blowers, on the other hand, function by pulling intake air along the rotation axis and redirecting the airflow perpendicular to that axis through the blower housing. Blowers typically exhibit a higher pressure drop compared to fans, enabling them to exert greater force against flow resistances such as heat sinks or confined air ducts [112].
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[bookmark: _Ref198286473][bookmark: _Toc198285585][bookmark: _Toc198802661]Figure 2.11. (a) Extruded aluminum heatsinks (b) bonded fin heat sink (c) Zipper fin heatsink [111] 
When selecting a fan, PQ curves, commonly referred to as pressure-flow curves, are examined. The motor driving the fan has specific limitations in terms of speed and torque it can manage. The PQ curve illustrates the motor's capacity to push air through the impeller blades and the corresponding airflow at particular speeds for a fan or blower [113]. It is important not to operate above the curve. 
Ideally, the fan size matches the component it intends to cool, such as a heatsink or air duct, so that the full air velocity is used. The fan volume should be small so that the power density of the converter is not compromised.
Fan and heatsink coordination can be tricky in a MV converter when the heatsink is connected to the source of power module at high voltage (kV) and the fan is powered by 24 V low voltage. Large clearance and creepage distance will undermine the thermal performance. In [114], a round guard ring with conductive painting surrounds the heatsink fin edges to limit the electric field strength to less than 2.4 kV/mm, which significantly reduces the chance of corona discharge. In [115], the heatsink is mounted with the drain terminal of 10 kV discrete device, an air duct directs air flow to the heatsink from a fan placed at a 60 mm clearance distance. 
Air cooling has seen extensive research focusing on optimizing heatsink fin characteristics to reduce size and weight [116]. However, at the converter level, a comprehensive approach is needed to consider airflow direction and prevent hot exhaust air from affecting neighboring components [117] [118]. Studies in [119], incorporate impingement heatsinks with round pins, directing airflow from beneath the heatsink. To assess the thermal behavior comprehensively, a computational fluid dynamics (CFD) simulation for the entire converter is conducted for temperature evaluation. Another design approach in [120] encloses submodules in a box, directing airflow through the heatsink and then submodule capacitors. Similarly, [121] investigates optimal fan placement within the converter to ensure uniform airflow to prevent overheating in any one submodule.
Air-cooled systems offer a notable cost advantage compared to liquid systems. They do not necessitate regulated or specialized fluids and consist of fewer, more economical components when compared to their liquid counterparts. Due to the absence of liquids, there is a reduced risk of leaks, and with fewer components, the system has fewer potential points of failure. In addition to their higher reliability and lower overall cost, air-cooled systems are also simpler to modify or upgrade.
In typical applications, air cooling systems consist of an extruded or bonded fin heat sink, often accompanied by a fan. Forced convection solutions face limitations due to pressure drop. Heat sinks with extensive surface areas in practical volumes create significant air resistance, impeding the flow and, consequently, heat transfer achievable with a fan. Larger forced convection solutions may also require additional fans, contributing to increased noise levels. The primary constraint of air-cooled solutions, however, lies in thermal performance. Air lacks heat absorption and transfer capacity of liquid, reaching a threshold where air cooling becomes insufficient, necessitating a shift to liquid cooling solutions.
[bookmark: _Toc197936593][bookmark: _Toc198802405]Summary
This chapter reviews key challenges associated with SiC MOSFET applications in MV power converters, focusing on APS insulation requirement, interwinding capacitance modeling, fault protection in series LLC APS, TSEPs, and thermal management strategies. The following aspects are investigated in the next chapters of this dissertation based on the research gaps discussed above:
· APS aspects: Insulation design and insulation material selection. Influence of core shape on reducing the interwinding capacitance of the APS transformer under the same winding configuration. Development of a protection method in a series LLC-based APS for isolation of faults, without interfering with other output voltages.
· TSEP: TSEP selections of 10 kV SiC MOSFET and evaluation of their temperature sensitivity. A sensor developed for 10 kV SiC MOSFET over temperature protection.
· Thermal management: Liquid cooling design procedure of multiple cold plates in MV converter regarding coolant selection, chiller pump sizing, and electrical insulation. Air cooling design in MV converter considering high voltage insulation. Design of uniform air flow air duct to provide uniform cooling performance.


[bookmark: _Toc197936594][bookmark: _Toc198802406]High Voltage Auxiliary Power Supply Design
This chapter focuses on high voltage auxiliary power supply (APS) design. Part of the content is from the paper published by the author in IEEE 2023 ECCE [122] and IEEE 2024 ECCE [123]. This chapter covers two different APS, sections 3.1 and 3.2 discuss the voltage balance methods and fault protection strategies of a series-connected LLC-based APS, which employs a single-input multiple-output configuration. Section 3.3 investigates the EMI immunity issue and startup issue of a flyback-based APS, which is a single-input single-output design. 
[bookmark: _Toc197936595][bookmark: _Toc198802407]Auxiliary Power Supply Design Requirements
The auxiliary power supply is used to power four gate drivers for a 10 kV H-bridge power module. Thus, it would be beneficial to employ a single input and four outputs topology so that the APS can be easily integrated with the gate driver. A series-connected LLC topology is selected for its simplicity. 
The APS also needs to be small and compact, thus the centralized APS is adopted instead of a local APS. It will be much more challenging to reduce the size of the high voltage step-down transformer of the centralized APS to the required volume. Additionally, insulation requirement and interwinding requirements are crucial in APS; details are explained in the following sections.
[bookmark: _Toc197936596][bookmark: _Toc198802408]Insulation Requirements
Under the worst‑case operating condition of an APS in an MMC—when the highest‑level submodule is inserted—the gate‑driver reference (i.e., the device source) rises to the full DC‑link potential. Because the APS output ground is tied to this high‑voltage gate‑driver ground while its primary side is driven by a low‑voltage source, the secondary‑to‑primary isolation barrier must withstand the entire DC‑link voltage, nominally 20 kV. To satisfy this requirement, the primary winding is realized with a 20 kV‑rated high‑voltage cable, and the transformer assembly is fully encapsulated in silicone gel exhibiting a dielectric strength of 20 kV/mm. This combination of high‑voltage cable construction and gel encapsulation ensures reliable insulation of the core and windings without excessively enlarging the APS footprint.
To assess the insulation capabilities, a 2D electrostatic analysis is conducted in Maxwell software, focusing on the electric field exerted on a transformer operating at 20 kV. The model includes the core, windings, and cables, with accurate representations of the materials' electrical properties. The primary cable, encased in thick silicone rubber insulation, and secondary windings are specified with their relative permittivity and bulk conductivity. Excitation occurs at the conductive part of the windings, with 20 kV applied to the secondary and 0 kV to the primary cable.
Two scenarios are simulated to test insulation strength: In the first scenario, the primary cable is centrally positioned within the core, with secondary windings evenly distributed. In the second scenario, the primary cable is located on one side, opposite the secondary windings. From Figure 3.1 and Figure 3.2, the maximum electric field occurs near the conductor, gradually decreasing with distance. As the cable is rated 20 kV, the electric field within the primary insulation is assumed to be within acceptable limits and is therefore not evaluated here. In the first scenario, the potting material's required field withstand strength ranges from 0.99 kV/mm to 3.98 kV/mm, while in the second scenario, it varies from 0.47 kV/mm to 2.37 kV/mm. Considering a design margin, the second scenario is chosen due to its lower required field withstand strength in the silicone gel and the cable insulation jacket, ensuring a safer insulation level. 
The transformer insulation is supported by encapsulation with silicone gel. Still, the exposed primary and secondary side PCBs are subject to high voltage. They need to meet clearance and creepage distance listed in IEC 60664 standards, which is 110 mm creepage distance for type II material at 20 kV voltage and 34 mm clearance distance in inhomogeneous field. The creepage distance is achieved by extending the primary cable to 60 mm, while the clearance distance is satisfied simultaneously. 
The hipot test is conducted to verify the transformer insulation strength as shown in Figure 3.3. By applying a DC voltage of 20 kV DC across the primary and secondary winding for 10 minutes, the leakage current is 0.71 uA as shown in Figure 3.4.
[bookmark: _Toc197936597][bookmark: _Toc198802409]Interwinding Capacitance
The interwinding capacitance between the primary and secondary windings in a toroidal transformer is largely determined by the size of the core. The capacitance is first estimated using energy conservative method, where each segment of the capacitance is calculated based on its geometry [79]. The first segment can be calculated in the following equation. 

where  is the relative permittivity,  and  are the equivalent area of primary and secondary winding segments. Assuming the output voltage is distributed linearly over the
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[bookmark: _Ref198391654][bookmark: _Toc198285586][bookmark: _Toc198802662]Figure 3.1. First scenario electric field distribution with primary cable is centered in core.
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[bookmark: _Ref198391680][bookmark: _Toc198285587][bookmark: _Toc198802663]Figure 3.2. Second scenario electric field distribution with conductor at edge of core opening.
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[bookmark: _Ref196299541][bookmark: _Toc198285588][bookmark: _Toc198802664]Figure 3.3. Hipot test set-up.
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[bookmark: _Ref196299553][bookmark: _Toc198285589][bookmark: _Toc198802665]Figure 3.4. Leakage current is within suitable range at 20 kV.


secondary windings, the total energy stored in  is presented by:

where  is the secondary winding turns. Similarly, the capacitance and energy of the rest remaining windings can be calculated. Adding them together equals the total energy stored by the interwinding capacitance . 

The core size selected is 25.3mm × 14.8mm × 15.0 mm with 14 turns of secondary windings, the value of interwinding capacitance estimated is 1.2 pF. Since the LLC resonant controller operating frequency is below 500 kHz, material N87 is selected.
The interwinding capacitance can be modeled as a cylindrical plate capacitance with two layers of insulation, the cable insulation, and potting materials as a rough estimate. Thus, the distance between the primary winding and secondary winding, the height of the toroidal core and insulation material dielectric constant determine the capacitance. The potting material is TSE3070 with dielectric constant of 2.7 and dielectric strength at 18 kV/mm. This material is chosen due to its relatively high dielectric strength to achieve the 20 kV insulation target and low dielectric constant to lower interwinding capacitance.
The primary cable is placed as far away as possible from the secondary windings to reduce the interwinding capacitance, and the secondary windings are congregated at the other end. The capacitance is simulated using 3D model in Ansys Maxwell under static electric field, where the 20 kV voltage is applied to the secondary side and 0 kV is applied to the primary cable. 
The coupling matrix between these two objects is calculated using a finite element method. And the regional material covering the whole transformer is assigned with 2.7 dielectric constant to emulate potting material. The capacitance simulated is 0.63 pF as shown in Figure 3.5.
The actual value measured by the impedance analyzer Keysight E4990A in the air is 1.5 pF, which is close to the calculation from (3.3) at 1.2 pF. The connection to the impedance analyzer introduces some errors. The simulation depicts half of the interwinding capacitance; thus, it is around one-half of the actual value.
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[bookmark: _Ref194915258][bookmark: _Toc198285590][bookmark: _Toc198802666]Figure 3.5 Toroidal transformer interwinding capacitance simulation model.












[bookmark: _Toc197936598][bookmark: _Toc198802410]Series LLC APS Protection Scheme Analysis
[bookmark: _Toc197936599][bookmark: _Toc198802411]Operation Analysis Under Fault
A series LLC converter with four outputs is implemented to provide power for four gate drivers of a H-bridge power module. The specifications are listed in Table 3‑1. It is different from conventional LLC converter in that there are four magnetizing inductances in the resonant network as shown in Figure 3.6. This configuration distributes the magnetic coupling across all outputs, reducing the effective voltage gain of each individual port to one-quarter of the nominal value observed in single-output designs. 
The voltage gain characteristics of the system were analytically derived using fundamental harmonic analysis (FHA), a widely adopted method for approximating resonant converter behavior. Equation (3.4) expresses the voltage gain M for each output port as a function of normalized frequency and quality factor .

Where denotes the normalized magnetizing inductance and all remaining terms are defined in Table 3.2. Parametric sweeps of this equation reveal the expected inverse relationship between load power and voltage gain: the lightest load condition (0.5 W) produces the highest gain curve, while the heaviest load (7.5 W) yields the lowest. This behavior aligns with classical LLC converter theory but exhibits compounded sensitivity due to the multi-output architecture. 
The reflected secondary resistance to the primary side changes to zero under a short circuit fault or increases to infinity during an open circuit fault, thus changing the output voltage or the resonant frequency. Here, only one output fault is examined for protection. 
In Figure 3.7, blue curves are under normal operation at different loads, and the red curves are under one output short circuit fault. Resonant frequency stays the same, but the voltage gains at the operating point shift upward. The output voltage increases significantly to over 40 V.
In Figure 3.8, the voltage gain of the open circuit fault is also plotted in red, this time the resonant frequency decreases. The controller’s continued operation at the pre-fault frequency creates a critical mismatch: the three healthy outputs suffer insufficient gain (<5 V), jeopardizing gate driver functionality, while the open-circuited port experiences voltage runaway (>40 V) from un-dissipated resonant energy.
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[bookmark: _Ref194915280][bookmark: _Toc198285591][bookmark: _Toc198802667][bookmark: _Ref194916227][bookmark: _Toc194913484]Figure 3.6. Four output series LLC topology.
[bookmark: _Ref198286580][bookmark: _Toc198802620]Table 3‑1 Specifications of LLC series connected converter
		Specifications
	Values

	Input voltage
	15 V

	Output voltage
	24 V

	Output power for each output
	7.5 W

	Switching frequency
	260 kHz

	Resonant inductance
	1.2 uH

	Resonant capacitance
	423 nF

	Magnetizing inductance
	3.12 uH

	Turn ratios
	1:14





[bookmark: _Ref194915303][bookmark: _Toc194913485][bookmark: _Toc198802621]Table 3‑2 Nomenclature of series resonance network
	Specifications
	Symbol
	Equation

	Resonant frequency
	
	

	Inductance ratio
	
	

	Effective output resistance
	
	

	Quality factor
	
	

	Normalized switching frequency
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[bookmark: _Ref194915332][bookmark: _Toc198285592][bookmark: _Toc198802668]Figure 3.7.  Resonant voltage gains increase during short circuit.
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[bookmark: _Ref194915342][bookmark: _Toc198285593][bookmark: _Toc198802669]Figure 3.8. Resonant frequency decreases during open circuit.














[bookmark: _Toc197936600][bookmark: _Toc198802412]Protection Scheme Analysis
Coupling Winding
A one-turn coupling winding is added between adjacent cores of the secondary winding to evaluate its effectiveness in mitigating voltage imbalance. Therefore, the fluxes between the cores are controlled to be equal, leading to uniform voltage output. The output voltages at 7.5 W are approximately half that at 3.8 W in Table 3‑3 where coupling winding is not implemented. 
The voltage imbalance is significantly reduced when the coupling winding is implemented in Table 3-4. However, the voltage at the output adjacent to the output experiencing a short circuit fault is 10 V higher with coupling winding. During an open circuit fault, the voltage at the non-faulted outputs is maintained to the rated voltage without decreasing as shown in Table 3-4. However, this method is infeasible as the coupling winding reduces the insulation independence between the outputs, which compromises the operation of H-bridge gate driver connected to it. 
Protection at Primary Side 
The primary side of the LLC resonant converter can be effectively protected by monitoring the resonant capacitor voltage () as a key diagnostic parameter. This approach leverages the direct correlation between and the primary-side resonant current, which exhibits measurable deviations during fault conditions. Under normal operation, the resonant capacitor voltage remains within a predictable range; however, a short-circuit fault in any of the four output channels causes a significant increase in primary current, reflected as a proportional rise in 
For example, at the maximum rated output power of 7.5 W per channel, experimental measurements demonstrate that the peak resonant capacitor voltage escalates from approximately 19 V (nominal operation) to over 30 V during a short-circuit event (see Figure 3.9). This ~58% increase provides a reliable threshold for fault detection. The protection mechanism can be implemented by comparing against a fixed voltage threshold (e.g., 25 V) using a high-speed comparator. Upon threshold violation, the controller is immediately disabled via a hardware interrupt, preventing further energy transfer and protecting both the converter and downstream components.



[bookmark: _Ref198391798][bookmark: _Toc198802622]Table 3‑3. Output voltage without coupling winding.
	Operation condition
	Output ratings
	Output 1
	Output 2
	Output 3
	Output 4

	Unbalanced load
	
	7.5 W
	7.5 W
	3.8 W
	3.8 W

	
	
	17.7 V
	17.7 V
	33 V
	32 V

	Output short circuit fault
	
	7.5 W
	7.5 W
	7.5 W
	Short circuit

	
	
	35 V
	35 V
	35 V
	0 V

	Output open circuit fault
	
	7.5 W
	7.5 W
	7.5 W
	Open circuit

	
	
	8 V
	8 V
	8 V
	80 V


[bookmark: _Toc194913487]
[bookmark: _Toc198802623]Table 3‑4. Output voltage with coupling winding.
	Operation condition
	Output ratings
	Output 1
	Output 2
	Output 3
	Output 4

	Unbalanced load
	
	7.5 W
	7.5 W
	3.8 W
	3.8 W

	
	
	27.9 V
	28.1V
	22 V
	23V

	Output short circuit fault
	
	7.5 W
	7.5 W
	7.5 W
	Short circuit

	
	
	31 V
	32 V
	45 V
	0 V

	Output open circuit fault
	
	7.5 W
	7.5 W
	7.5 W
	Open circuit

	
	
	24.8V
	23V
	23 V
	72 V



[bookmark: _Toc198285594][bookmark: _Toc198802670][bookmark: _Ref194915431][image: A screenshot of a diagram
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Protection at Secondary Side
 Secondary-side protection is implemented because it enables isolation of individual faults without necessitating a complete shutdown of all output channels. When there is a short circuit at one output, that output voltage drops to zero as shown in  Figure 3.9 and Figure 3.10. While the other non-faulted output voltage increase.
In Figure 3.11, during open circuit fault, the output voltage at channel 3 ramps up to 40 V due to the increased voltage gain. In contrast, the output voltages of the remaining channels gradually decrease. Notably, both the resonant capacitor voltage and the primary current exhibit a reduction under this fault condition. 
Protection at the secondary side is implemented by an e-fuse LTC4365 with a MOSFET behind the secondary rectifier bridge. The overvoltage threshold is set at 28 V, and the undervoltage threshold is set at 5 V. The output that experiences the short circuit would trigger the undervoltage protection, and e-fuse will switch off the MOSFET, separating the circuit from the gate driver. When an open circuit fault occurs, the output overvoltage will also trigger the overvoltage protection, and e-fuse will separate the faulted circuit.
The hardware test setup is presented in Figure 3.12 to evaluate the APS. The primary board drain-source voltage, resonant capacitor voltage, and primary side current are measured with each output connected to a 75 Ω resistive load. As shown in Figure 3.13, the primary side current and resonant capacitor voltage remains stable even when the secondary output is experiencing a short circuit. 
The controller is unaware of the short circuit fault due to the open loop operation. Convention output voltage feedback provided by optocoupler is infeasible in this application as it failed to meet 20 kV insulation requirement and less than 5 pF interwinding capacitance requirement. Thus, additional protection circuit has to be implemented to prevent overvoltage.
From Figure 3.14, the short circuit happens in the third output 𝑉𝑜3, the e-fuse isolates the fault immediately. The three not faulty output voltages ramp up to 28 V and are clamped for 200 us by the IC before returning to normal 24 V. The faulty output is cleared without interfering with the remaining not faulty outputs.
An open-circuit fault is intentionally introduced on the fourth output, VO4, for a duration of 120 µs by using a gate-controlled MOSFET placed in series with the load, as illustrated in  Figure 3.15.
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[bookmark: _Ref194915438][bookmark: _Toc198285595][bookmark: _Toc198802671]Figure 3.10. Short circuits happen at 4.99 ms when output power is 2.5 W.
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[bookmark: _Toc198285596][bookmark: _Toc198802672]Figure 3.11. Output 3 voltage ramps up to 40 V during open circuit fault at 4.99 ms.
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[bookmark: _Ref194915473][bookmark: _Toc198285597][bookmark: _Toc198802673]Figure 3.12. Series LLC APS test setup.
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[bookmark: _Ref195709780][bookmark: _Toc198285598][bookmark: _Toc198802674]Figure 3.13. Series LLC APS primary side waveforms are still stable during short circuit.
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[bookmark: _Ref196309885][bookmark: _Toc198285599][bookmark: _Toc198802675]Figure 3.14. Short circuit is cleared by secondary protection.
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[bookmark: _Ref195710723][bookmark: _Toc198285600][bookmark: _Toc198802676]Figure 3.15. Voltage is clamped during open circuit fault. 

As a result of the open-circuit condition, the voltages at output 1 VO1 and output 2 VO2 drops to 16.4 V and 15.8 V, respectively. Meanwhile, output 4 VO4 ramps up to 28 V in 86 us, at which point it is clamped by the IC. The clamping mechanism effectively limits the high voltage resulting from the open circuit to a safer range, thereby demonstrating the robustness and effectiveness of the implemented protection scheme.
[bookmark: _Toc197936601][bookmark: _Toc198802413]Flybuck APS Testing in MV Converter
This section discusses another APS design that uses a different topology from the previous series LLC converter. The APS here is built in large quantities to supply power to multiple gate drivers in a multilevel MV converter. The APS adopts the same topology of a flybuck converter that support gate drivers of 10 kV 20A discrete device in a 100 kVA 13.8 kV AC cascaded H bridge converter [57].  
This project is a 1 MVA 13.8 kV AC multilevel converter which uses a 10 kV 100 A power module. Thus, the gate driver requires more power to drive the module than the discrete device. The APS power is scaled up from 2 W to 3 W accordingly. The power module switches faster, the dv/dt is 100 V/ns compared with 10 kV discrete device at 60 V/ns [124], thus posing more challenges to the EMI tolerance of the APS. Much of the existing literature lacks coverage of the APS when in the demanding high-voltage and high-EMI environment typical of MV converters. Consequently, the discussion on APS performance is expanded to address these specific operational challenges.
[bookmark: _Toc197936602][bookmark: _Toc198802414]Interwinding Capacitance
To optimize the interwinding capacitance between the primary side and secondary side of the APS to less than 5 pF, the interwinding capacitance of different core shapes is analyzed.
 The capacitance can be represented in (3.5), where  is the capacitance between primary winding and the core, is capacitance between secondary winding and the core, and  represents capacitance between primary and secondary windings.

The basic physics of capacitance leads to placing the windings away from the core, separating the windings as far as possible and minimizing the facing area in between. The core shape effect on interwinding capacitance is investigated by comparing the toroidal core, U core, and E core. The core with relatively small size in each core shape category is selected. By controlling the winding parameters to be the same, such as trace width (0.5 mm and 0.25 mm), PCB winding turns (3:6), and winding distance (4 mm) from the core, the interwinding capacitance of different core shapes is simulated in Ansys Maxwell 3D electrostatic analysis in Figure 3.16. The voltage excitations are 20 kV on the secondary winding, 24 V on the primary winding and 0 V on the core respectively.
From Table 3‑5 interwinding capacitance is smaller in toroidal core than U core and E core. This can be explained by the fact that rectangular U core has a longer perimeter than toroidal core, thus larger capacitance. For E core, the distance between windings and core is constrained by the small winding area and its flat shape. Also, all four edges of winding are in parallel with the core, the overlapping area is larger than that of other core shapes, resulting in higher  and  . 
To optimize the interwinding capacitance, toroidal core and U core are promising candidates. Unlike conventional transformers, this arrangement of winding and core inevitably leads to a transformer with large leakage inductance. The coupling coefficient is around 0.96. The tradeoff between achieving low interwinding capacitance and sufficient magnetizing inductance is challenging as it depends on core size, material, core and winding distance, and geometry.
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[bookmark: _Ref194915503][bookmark: _Toc198285601][bookmark: _Toc198802677]Figure 3.16. Toroidal core, U core and E core interwinding capacitance model in Ansys Maxwell.





[bookmark: _Ref194916260][bookmark: _Toc194913488][bookmark: _Toc198802624]Table 3‑5 Interwinding capacitance comparison between different core shape.
	Core type
	TX25/15/10
	U33/22/9
	E22/6/16

	
	0.93
	1.18
	1.48

	
	0.98
	1.18
	1.66

	
	0.17
	0.17
	0.56

	
	0.65
	0.76
	1.34
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[bookmark: _Toc198802415]APS Testing with Gate Driver
APS may fail to start up when testing with the gate driver as there is much more capacitive load than a pure resistive load. The APS is a flybuck topology which samples the feedback voltage and primary current for control regulation. As shown in Figure 3.17, the primary current reaches 3.88 A which exceeds the primary overcurrent protection threshold 3.2 A, then the IC will stop operating, failing to startup. 
There is also case where the APS stops operating and restarts after some time, which is called hiccup mode in Figure 3.18. This behavior is often observed when the APS tries to adjust itself in response to overcurrent conditions. During this time, the APS operates at an initial low switching frequency of 186 kHz, which is about half of the normal operating frequency of 378 kHz. The lower switching frequency leads to higher primary current, as illustrated Figure 3.19, which further exacerbates the overcurrent shut-down.
To resolve the issue of high primary current during startup, one potential solution is to increase the switching frequency. By raising the switching frequency, the current ripple is reduced, allowing the APS to start more smoothly without triggering the overcurrent protection. This adjustment helps manage the capacitive load more effectively and prevents excessive current flow during the startup phase.
In addition to adjusting the switching frequency, another modification was made to the APS’s output capacitance. Initially, the output capacitance was set to 22 µF, which was insufficient to match the input capacitance of the gate driver, which is 50 µF. Since the gate driver requires a higher capacitance for stable operation, the APS output capacitance was increased to 50 µF to better match the gate driver's needs. This adjustment allows for a more successful startup by reducing the impact of the gate driver's capacitive load and ensuring proper voltage regulation during the startup process as shown in Figure 3.20.
With these changes, the higher switching frequency and increased output capacitance—the APS becomes more capable of handling the higher capacitive load presented by the gate driver, resulting in a smoother startup process. These improvements allow the APS to start up more reliably without triggering overcurrent protection or entering hiccup mode, ensuring efficient operation of the multilevel converter.
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[bookmark: _Ref194915513][bookmark: _Toc198285602][bookmark: _Toc198802678]Figure 3.17.  APS unsuccessful startup due to overcurrent.
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[bookmark: _Ref194915523][bookmark: _Toc198285603][bookmark: _Toc198802679]Figure 3.18. APS in hiccup mode before start up.
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[bookmark: _Ref196310002][bookmark: _Toc198285604][bookmark: _Toc198802680]Figure 3.19. APS soft startup at low frequency, from top to bottom: primary side current (2A/div), switch node voltage (20V/div), primary output voltage (10V/div), secondary diode voltage (50V/div).
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[bookmark: _Toc198802681]Figure 3.20. APS normal operation at designed frequency, from top to bottom: primary side current (2A/div), switch node voltage (20V/div), primary output voltage (10V/div), secondary diode voltage (50V/div).
[bookmark: _Toc197936604][bookmark: _Toc198802416]APS Mis-trigger Issue
This APS has also been tested with a five-level half bridge MMC. There happens to be a desat protection triggered when the dc voltage reaches 4 kV. Recordings show the APS shuts off itself and then restarts immediately, causing the desat protection to be falsely triggered on the gate driver connected to it.
 The basic flybuck connection is shown in Figure 3.21, and the values are listed in Table 3‑6. To enhance the system's immunity to EMI, a small capacitance of 80 pF was initially placed in parallel with the feedback resistance . to filter out noise that could couple into the primary side of the circuit. This noise reduction approach worked effectively until the DC voltage increased to 10 kV, at which point the system experienced instability. To address this, the original 80 pF capacitance was replaced with a larger 470 pF capacitance, which improved the system's performance. With this adjustment, the APS successfully operated under DC voltages up to 12 kV without any issues. 
However, it was found that increasing the capacitance further to 1 nF caused the APS to fail to start up properly. This issue likely arises because the increased capacitance reduces the stability of the internal feedback loop, potentially leading to oscillations or delayed responses within the control system. Therefore, while increasing the capacitance beyond 470 pF initially improved the EMI immunity, further increases could compromise the APS’s operation stability and startup reliability. 
To examine the impact of CM current on the feedback voltage, a flybuck model with CM (common mode) propagation path is built in LTspice as shown in Figure 3.22, where C3 (1 pF) represents the interwinding capacitance between the transformer primary side and the secondary side. V4 is a PWM voltage source that simulates the dv/dt of 25 V/ns, and the frequency is the power module switching frequency. The red arrow signals the CM propagation path. L1 (1 nH) represents the parasitic inductance in the path. Vfb is the feedback voltage. 
When there is no CM source, Vfb reflects the change of the primary inductor current (Il2) as shown in Figure 3.23. And the primary switch off time is terminated by the feedback voltage falling below the reference voltage.
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[bookmark: _Ref194915556][bookmark: _Toc198285606][bookmark: _Toc198802682]Figure 3.21. Feedback resistance network of a flybuck converter. 

[bookmark: _Ref198391899][bookmark: _Toc198802625][bookmark: _Toc194913489]Table 3‑6. Flybuck APS specifications.
	Parameter
	Values

	NPRI
	5

	NSEC
	12

	R1
	24.9 k

	R2
	2 k

	CPRI
	22 

	COUT
	50 
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[bookmark: _Ref196310054][bookmark: _Toc198285607][bookmark: _Toc198802683]Figure 3.22. Flybuck model with CM propagation
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[bookmark: _Ref194915591][bookmark: _Toc198285608][bookmark: _Toc198802684]Figure 3.23. Feedback voltage changes monotonically with primary current.







When there is a common mode source, the CM current flows through C3 and R2, causing voltage spikes on the feedback voltage in Figure 3.24. If the voltage spike (1.6 V) overlaps with the feedback voltage valley point, it is likely to cause an interference with the control and eventually shut down the flybuck converter.
This simulation reveals the critical role of common-mode currents in flybuck converters. The coupling between the primary and secondary sides through parasitic capacitance can lead to voltage spikes on the feedback path. If not properly mitigated, these spikes can cause false triggering or unintended shutdown of the converter, highlighting the need for effective filtering and mitigation techniques to prevent CM interference and ensure stable operation of the flybuck converter.
[bookmark: _Toc197936605][bookmark: _Toc198802417]Summary
This chapter addresses key design challenges of high-voltage APS for MV applications, with the following contributions:
· Insulation Design: The transformer’s internal electric field distribution is analyzed to guide insulation layout, while clearance and creepage requirements between external PCBs are evaluated to ensure high-voltage safety compliance.
· Interwinding Capacitance Optimization: Comparative analysis of core geometries reveals that toroidal and U-cores yield lower interwinding capacitance than E-cores due to reduced winding-core overlap. Generalized design principles—minimizing winding turns, overlap, and inter-winding proximity—are established.
· Fault Protection in Series LLC APS: Fault analysis shows that short or open-circuit conditions affect voltage gain across outputs. Secondary-side protection is demonstrated to provide more effective isolation and voltage stability than primary-side protection across varying loads.
· EMI Resilience in Multilevel Converters: Flybuck APS behavior under strong EMI is examined in a multilevel MV converter environment. EMI-induced shutdown/restart issues are mitigated via feedback circuit filtering, enhancing system robustness without impairing control performance.
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[bookmark: _Ref194915601][bookmark: _Toc198285609][bookmark: _Toc198802685]Figure 3.24. CM current causes feedback voltage spikes.


[bookmark: _Toc197936606][bookmark: _Toc198802418]TSEP Selection for 10 kV SiC MOSFET Power Modules
Temperature sensitive electric parameters (TSEPs) for 10 kV SiC MOSFET power modules are investigated in this chapter to examine potential candidates for online temperature monitoring. The ideal TSEP should change linearly with the temperature with sufficient sensitivity. Two categories of TSEPs are discussed to analyze the intrinsic temperature characteristics of 10 kV SiC MOSFET power modules: (1) during steady state and (2) during a switching transient state (ON to OFF or OFF to ON). Also, TSEP comparison with low voltage (1200 V) SiC MOSFETs is provided to identify the uniqueness of high voltage SiC MOSFET power modules. Part of the content in this chapter is from the author’s conference paper published in IEEE ECCE 2023 [125].
[bookmark: _Toc197936607][bookmark: _Toc198802419]Static TSEP
The power module investigated is a Wolfspeed XHV-9 10 kV SiC MOSFET half-bridge module (shown in Figure 4.1). Each device has six dies in parallel; the detailed specifications are given in Table 4.1. Static tests are conducted using curve tracer Keysight B1505A to measure forward conduction, reverse conduction, and transfer characteristics. Junction capacitance, which includes gate source capacitance, gate drain capacitance, and drain source capacitance, remains stable across a wide temperature range, so they are not normally considered for TSEPs.
[bookmark: _Toc197936608][bookmark: _Toc198802420]Forward Conduction Characteristics
The curve tracer is used to exert controlled duration and magnitude of gate source and drain source voltage pulses to the power module. The forward conduction test is conducted by limiting  to less than 25 V and  to less than 110 A; is swept from 1 V to 15 V in 1 V steps. In this way, the full operation range of normal working conditions is measured without exposing the power module to excessive power and current. The forward conduction curve at 25  is presented in Figure 4.2. The same test is repeated under 25, 50, 75, 100 (Figure 4.3)nd  by placing the power module on a hotplate with controlled temperature.
The ON-resistance at different temperatures when  is 15 V are summarized in Figure 4.4. It is observed that the ON-resistance increases as the temperature rises; however, the rate of increase is not uniform across all temperature ranges. This behavior can be attributed to variations in carrier mobility and scattering mechanisms at different temperatures. The increase
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[bookmark: _Ref194915608][bookmark: _Toc198285610][bookmark: _Toc198802686]Figure 4.1. Wolfspeed XHV-9 10 kV 100A SiC MOSFET power module.

[bookmark: _Toc194913490][bookmark: _Toc198802626]Table 4‑1. Parameters of the XHV-9 10 kV SiC MOSFET Module.
	Static parameters
	Wolfspeed XHV-9 SiC MOSFET Module

	Minimum Breakdown voltage
	10 kV @ = 0 V,
= 6 mA

	ON state resistance
	50 @ = 15 V,
 = 90 A, 

	Maximum junction temperature
	175 













[image: ]
[bookmark: _Ref194915616][bookmark: _Toc198285611][bookmark: _Toc198802687]Figure 4.2. Forward conduction curves of the 10 kV SiC MOSFET module at 25℃.
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[bookmark: _Ref197943270][bookmark: _Toc198285612][bookmark: _Toc198802688]Figure 4.3. Forward conduction curves of the 10 kV SiC MOSFET module at 125℃
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[bookmark: _Ref194915626][bookmark: _Toc198285613][bookmark: _Toc198802689]Figure 4.4. ON-resistance of the 10 kV SiC MOSFET module at different temperatures.
















in resistance can lead to higher conduction losses in power devices, which is an important consideration in thermal management and efficiency optimization.
Additionally, the threshold voltage decreases with increasing temperature as presented in Figure 4.5. This reduction is primarily due to the positive temperature dependence of the intrinsic carrier concentration, which leads to increased carrier generation and a subsequent shift in the threshold voltage.
[bookmark: _Toc197936609][bookmark: _Toc198802421]Reverse Conduction Characteristics
The reverse conduction curve is measured in a similar process to the forward conduction curve.  is stepped from 1 V to 15 V with 2 V steps.  is limited to -15 V and  is limited to -110 A. 
In SiC MOSFET reverse conduction characterization, limiting  to -15 V prevents device breakdown and ensures operation within the safe operating area (SOA). Although SiC MOSFETs feature a robust body diode to support reverse current, they are not designed to sustain high reverse bias voltage under gate control. The reverse conduction curve at 25 is presented in Figure 4.6.
[bookmark: _Toc197936610][bookmark: _Toc198802422]Transfer Characteristics 
In Figure 4.7,  is measured when  and  is stepped from 1 V to 15 V. A low drain-source voltage is used in transfer characteristic measurements to ensure that the drain current is predominantly controlled by the gate-source voltage, minimizing the influence of   on the inversion layer electron mobility. Transconductance, shown in Figure 4.8, increases with temperature when the current is below 40 A, but deviates from linearity at higher current levels. 
[bookmark: _Toc197936611][bookmark: _Toc198802423]Dynamic TSEP
[bookmark: _Toc197936612][bookmark: _Toc198802424]Experimental Test Setup 
The DPT schematic is shown in Figure 4.9. The DPT platform shown in Figure 4.10 was built to test 10 kV half bridge power module switching characteristics. The key components are described as follows. The DC link capacitor consists of four 2 kV 360 uF capacitors in series. The DC link voltage can be adjusted from 0 to 7 kV. Due to the parasitic inductance in the commutation loop, a decoupling capacitor board is used to limit the device voltage overshoot. The load inductance is 5 mH.
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[bookmark: _Ref194915633][bookmark: _Toc198285614][bookmark: _Toc198802690]Figure 4.5. Threshold voltage decreases with increasing temperature in the 10 kV SiC MOSFET module.
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[bookmark: _Ref194915644][bookmark: _Toc198285615][bookmark: _Toc198802691]Figure 4.6. Reverse conduction curves at 25℃ of the 10 kV SiC MOSFET module.
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[bookmark: _Ref194915672][bookmark: _Toc198285616][bookmark: _Toc198802692]Figure 4.7. Transfer characteristics of the 10 kV SiC MOSFET module at different temperatures.

[image: ]
[bookmark: _Ref194915685][bookmark: _Toc198285617][bookmark: _Toc198802693]Figure 4.8. Transconductance of the 10 kV SiC MOSFET module at different temperatures.
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[bookmark: _Toc198285618][bookmark: _Toc198802694]Figure 4.9. DPT circuit scheme for testing 10 kV SiC MOSFET module.
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[bookmark: _Ref194915695][bookmark: _Toc198285619][bookmark: _Toc198802695]Figure 4.10. DPT experiment setup.


A circuit breaker with three Si IGBTs in series is connected in the main circuit to limit the maximum current in case a short circuit happens during testing. The dedicated gate driver receives control signals and transmits a feedback signal by optical fiber, connecting to the controller outside of the high voltage room. This provides high voltage isolation and ensures signal integrity and personnel safety. The gate driver has desat protection integrated, which protects the power module from short circuit faults. Gate turn-on voltage is 15 V and turn-off voltage is -5V. Gate resistance is 5 for both turn-on and turn-off modes. The auxiliary power supply that provides power to the gate driver has a 10 kV isolation and 2 pF interwinding capacitance [126].
The measurement probes with sufficient bandwidth and isolation are used. Drain source voltage is measured by high voltage differential probe DP20-10k (17.5 kV, 120 MHz). Device current is measured by PEM CWTMIni50HF Rogowski coil (50 MHz). Gate source voltage is measured by TPP1000 Tektronix passive voltage probe (1 GHz).
[bookmark: _Toc197936613][bookmark: _Toc198802425]Turn on Transient TSEP 
TSEP during the switching process is divided into two groups: (1) TSEP during the turn on transient, and (2) TSEP during the turn off transient. Normally, turn on delay time, current rise rate, and drain source voltage drop time are temperature dependent. These data can be extracted from DPT results. Figure 4.11 shows the typical turn on waveform conducted at 6.5 kV, 57 A. 
Turn-on Delay Time 
During turn-on delay time, the device is in the cutoff region,  charges from 0 V to . Turn on delay time  in (4.1) measures the time when  starts to conduct after the gate source voltage is applied to the device. Here,  is turn on gate voltage, and is turn off gate voltage.  is gate resistance and is the input capacitance of the power module. From the previous analysis, the threshold voltage drops with increasing temperature,  decreases as it takes a shorter time for  to charge to . 

Current Rise Time
As soon as the gate source voltage reaches  , the device starts conducting. The current rise time  can be derived from (4.2), where  is load current and  is transconductance.
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[bookmark: _Ref194915704][bookmark: _Toc198285620][bookmark: _Toc198802696]Figure 4.11. Turn on switching transient at 6.5 kV 57 A in 10 kV SiC MOSFET module.

Voltage Fall Time 
Drain source voltage starts to fall from the nonconducting high voltage the moment reaches the miller plateau and  starts discharging. Thus, the drain source voltage fall time is given in (4.3), where  is gate charge.

 has a negative temperature coefficient.  is also affected by temperature, but in this case and unlike the value measured by the curve tracer where the drain source voltage equals 10 V, the actual drain source voltage is several kilovolts during the switching transient of DPT. 
According to [127], transconductance varies significantly with (, ranging from 20 V to 7 kV. However, its specific temperature dependency under these high-voltage conditions remains unclear. Due to this uncertainty, deriving a precise relationship between the observed parameters and temperature purely through theoretical equations is challenging. Instead, experimental validation is necessary to accurately determine the impact of temperature on these parameters in high-voltage switching conditions. 
From test results in Figure 4.12,, and decrease linearly with increasing temperature. The junction temperature (  ) in relation to TSEP (ns) is shown as follows; they all show pretty good linearity. Voltage fall time has the best temperature sensitivity because of the largest coefficient.



[bookmark: _Toc197936614][bookmark: _Toc198802426]Turn off transient TSEP
Turn-off Delay Time
Turn-off delay time  measures the time from the instant when gate-source voltage drops to the instant when drain-source voltage starts to increase from zero. 

As threshold voltage is negatively correlated with temperature, and transconductance is nonlinearly dependent on temperature, it is difficult to derive from equation (4.7) alone the relation between turn-off delay time and temperature. From the experiment results in Figure 4.13, when  , turn-off delay time has a small variance of less than 5% across the entire temperature range for currents between 16.6 A and 47.8 A. This indicates that within this current range, temperature effects on turn-off behavior are relatively stable, likely due to compensating factors such as charge carrier dynamics and switching characteristics.
However, at lower (7.1 A) and higher (56.9 A) current levels, the turn-off delay exhibits a nonlinear dependence on temperature. This deviation suggests that additional temperature-dependent factors, such as carrier trapping, nonlinear changes in device capacitances, or variations in switching losses, become more prominent at the current extremes.
Voltage Rise Time
The turn-off transient of this 10 kV SiC power module is dominated by load current charging/discharging the device junction capacitances. As the device capacitance is temperature independent, most parameters are not affected by temperature. The voltage rise time has stable duration regardless of the temperature change. In Figure 4.14, voltage rise time difference across full temperature range from 25 to 125 is less than 4% when load current is less than 20 A.
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[bookmark: _Ref194915718][bookmark: _Toc198285621][bookmark: _Toc198802697]Figure 4.12. , ,  decreases with increasing temperature in 10 kV SiC MOSFET module.
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[bookmark: _Ref194915734][bookmark: _Toc198285622][bookmark: _Toc198802698]Figure 4.13. Turn off delay time at  is similar at different temperatures in 10 kV SiC MOSFET module.
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[bookmark: _Ref194915748][bookmark: _Toc198285623][bookmark: _Toc198802699]Figure 4.14. Voltage rise time at  is similar at different temperatures in 10 kV SiC MOSFET module.
























When load current is larger than 20 A, it is less than 5 ns. Voltage slew rate dv/dt corresponds with voltage rise time and is also temperature insensitive. 
The same phenomenon is also observed in voltage overshoot  as shown in Figure 4.15. The experimental results indicate that the turn-off delay time does not exhibit a clear, consistent relationship with temperature across all operating conditions. This lack of a distinct correlation suggests that multiple factors influence the turn-off dynamics, including variations in threshold voltage, transconductance, and device capacitances, all of which respond nonlinearly to temperature changes.
For the 10 kV SiC MOSFET module under study, the turn-off delay time is found to be a reliable temperature-sensitive electrical parameter (TSEP) only under specific conditions. At a relatively fast switching speed—achieved with a small gate resistance (≤2 Ω)—and a considerable load current (≥10 A), the turn-off delay time demonstrates a measurable and predictable temperature dependence. This makes it a suitable candidate for temperature estimation in practical applications.
However, under other operating conditions, such as higher gate resistance values or lower load currents, the turn-off delay time shows weak temperature sensitivity or follow nonlinear, inconsistent trends. This limits their usefulness as reliable indicators of device temperature,
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[bookmark: _Ref194915756][bookmark: _Toc198285624][bookmark: _Toc198802700]Figure 4.15. Voltage overshoot at different temperatures in 10 kV SiC MOSFET module.
reinforcing the need to carefully select operational parameters when using turn-off delay time for temperature estimation in SiC MOSFET modules.
[bookmark: _Toc197936615][bookmark: _Toc198802427]Impact Factors
This section discusses other factors besides temperature that impact the electrical parameters measured, especially during switching transients. Gate turn on voltage and turn off voltage affect the switching speed and can be controlled in a versatile way with an intelligent gate driver. In this application, the power module is switched on and off by 15 V and -5 V respectively, so gate voltage impact is not investigated.
[bookmark: _Toc197936616][bookmark: _Toc198802428]Gate Resistance
It is straightforward that gate resistance has a positive impact on , , and  as shown in (4.1)-(4.4). Thus, gate resistance can be used to increase temperature sensitivity of these TSEP, so it has a larger variance over the same temperature range. It is verified by the test results in Table 4‑2. where   and is higher than those measured in Table 4‑3. where . Due to  internal gate resistance, the values measured do not increase proportionally with the gate resistance.
[bookmark: _Toc197936617][bookmark: _Toc198802429]Load Current
[bookmark: _Ref194916303][bookmark: _Toc194913491]The following data are extracted from DPT waveforms at the same DC voltage 6.4 kV with varying current. During the turn-on process, load current does not affect turn-on delay time from theoretical analysis in (4.4). It is verified through test results in Figure 4.16, where current increases from 7.1 A to 56.9 A and at the same temperature, the turn-on delay time shows a small variance of less than 10 ns. By contrast, the current rise time increases significantly for this same testing as shown in Figure 4.17. In Figure 4.18, the voltage fall time gradually decreases with increasing load current, although some deviation is observed at high current levels (>= 36.8 A). 
Our testing of the 10 kV SiC MOSFET power module at 6.5 kV, 55 A aligns with the observations from [128], where a 10 kV power module was tested at 6 kV, 84 A. Specifically, the turn-on dv/dt was found to increase with rising temperature, indicating that the voltage fall time during turn-on decreases as temperature rises. This trend suggests that higher temperatures impact the turn on switching characteristics in a similar manner across different test conditions.


[bookmark: _Ref198392023][bookmark: _Toc198802627]Table 4‑2. 10 kV SiC MOSFET Module turn on results at 2 Ω external gate resistance.
	Temperature
	
	
	

	25 C°
	67.6
	58.0
	200.8

	50 C°
	66.5
	57.0
	198.8

	75 C°
	63.0
	54.4
	199.6

	100 C°
	62.0
	51.0
	191.6



[bookmark: _Ref194916295][bookmark: _Toc194913492][bookmark: _Toc198802628]Table 4‑3. 10 kV SiC MOSFET Module turn on results at 5 Ω external gate resistance.
	Temperature
	
	
	

	25 C°
	101.6
	121.6
	244.4

	50 C°
	95.4
	107.4
	238.2

	75 C°
	90.6
	101.8
	236.6

	100 C°
	88.4
	96.0
	234.6
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[bookmark: _Ref194915778][bookmark: _Toc198285625][bookmark: _Toc198802701]Figure 4.16 turn on delay time is independent of current in 10 kV SiC MOSFET module.

[bookmark: _Toc198802702][bookmark: _Ref194915789][bookmark: _Toc198285626][image: ]Figure 4.17.  current rise time increases with higher current in 10 kV SiC MOSFET module.
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[bookmark: _Ref194915802][bookmark: _Toc198285627][bookmark: _Toc198802703]Figure 4.18.  voltage fall time decreases with higher current in 10 kV SiC MOSFET module.

For turn off switching transient, [128] also reports that the turn-off dv/dt remains unchanged across the entire temperature range. This consistency indicates that turn-off behavior in 10 kV SiC MOSFET modules is less influenced by temperature variations compared to turn-on
transitions. Similar results are also reported in [129], where a 10 kV module was tested at a lower voltage of 4.8 kV. Despite the lower operating voltage, the trends in dv/dt variation with temperature remain consistent, further validating that these switching characteristics are intrinsic to 10 kV SiC MOSFET modules. 
[bookmark: _Toc197936618][bookmark: _Toc198802430]Parasitics 
Parasitic elements, such as gate loop inductance , power loop inductance , and baseplate capacitance , play a crucial role in influencing switching events. The presence of these parasitic elements can significantly impact the measurement of transient TSEPs, leading to deviations in protection thresholds and potential inaccuracies in temperature estimation.
To analyze these effects, a double-pulse test (DPT) simulation was conducted at 6 kV and 60 A using LTspice with a Wolfspeed SiC module model, systematically varying  (10-70 nH), (420-800 nH), and  (50-500 pF) to evaluate their impact on key switching characteristics. The simulation circuit is shown in Figure 4.19. This comprehensive parametric study provides critical insights into how parasitic elements affect TSEP reliability in high-voltage applications while establishing design guidelines for parasitic minimization.
Gate loop inductance 
Gate loop inductance is varied from 10 nH to 70 nH. Figure 4.20 shows the zoomed in turn-on transient, where I(Lcs) is device current and V(sw) is drain-source voltage. Increasing the gate loop inductance modifies the impedance of the gate drive circuit, which can lead to increased current overshoot and faster switching transients due to reduced damping. 
In the examined case, a gate loop inductance of 70 nH results in a shorter current rise time and voltage fall time compared to a 10 nH inductance.
Power loop inductance
The power loop inductance is varied from 420 nH to 800 nH, and the turn-on switching transient is illustrated in Figure 4.21. It appears that this change has a minimal impact on the turn-on delay time and current rise time. This can be attributed to the fact that the turn-on transient is primarily governed by the gate loop rather than the power loop. Since the gate drive circuit directly controls the gate voltage rise, its effect dominates the switching speed. The power loop inductance increases the voltage fall time, primarily due to the increased impedance in the current path, which slows the rate of voltage change during the turn on transient.
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[bookmark: _Ref196291724][bookmark: _Toc198285628][bookmark: _Toc198802704]Figure 4.19. DPT circuit model with parasitics highlighted.
[image: A graph of a diagram
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[bookmark: _Toc198285629][bookmark: _Toc198802705]Figure 4.20. Larger  leads to higher current overshoot during turn on transient.
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[bookmark: _Ref196291841][bookmark: _Toc198285630][bookmark: _Toc198802706]Figure 4.21.  slows down voltage drop time during turn on transient.















Baseplate capacitance
Baseplate capacitance is changed from 50 pF to 500 pF. Figure 4.22 shows that baseplate capacitance has a minimal impact on turn-on delay time and current rise time. This suggests that the capacitive coupling between the baseplate and the power circuit does not significantly interfere with the gate drive dynamics or the initial current transition during turn-on.
However, an increase in baseplate capacitance noticeably extends the voltage fall time. This occurs because higher capacitance introduces additional displacement current, which slows down the drain-to-source voltage transition during turn-on. The increased capacitance effectively increases the charge storage, leading to a more gradual voltage drop.
[bookmark: _Toc197936619][bookmark: _Toc198802431]Comparison with Low Voltage SiC
TSEPs for the Wolfspeed XHV-9 10 kV SiC MOSFET power module are investigated. Among the static parameters, ON-state resistance and threshold voltage can be extracted as TSEPs. While both exhibit temperature dependence, the threshold voltage demonstrates better linearity with temperature, making it a more predictable parameter for temperature monitoring.
For turn-on characteristics, several TSEPs are identified, including turn-on delay time, current rise time, and voltage fall time. All these parameters exhibit negative temperature coefficients, meaning they decrease as temperature increases. Notably, turn-on delay time remains unaffected by load current, making it a more robust TSEP. In contrast, current rise time and voltage fall time are influenced by load current and require calibration to maintain accurate temperature tracking. 
For turn-off characteristics, turn-off delay time is the only viable TSEP. Other parameters, such as voltage rise time and current fall time, do not exhibit significant temperature sensitivity, making them unsuitable for temperature estimation.
The temperature sensitivity is summarized in Table 4‑4. when external gate resistance is 5 ohm. Compared with 3.3 kV, 5 A SiC MOSFET in [10], 10 kV SiC MOSFET power module has the same TSEPs of turn on delay time, current rise time, and turn off delay time. 
Turn on current switching rate, which is calculated from current rise time, for a 10 kV, 100 A SiC MOSFET is 1600A/(ms∙), compared with 328 A/(ms∙) for a 3.3 kV SiC MOSFET. Turn on delay time is also significantly larger in 10 kV device at -106 ps than -18.6 ps/ of 3.3 kV device. Threshold voltage temperature sensitivity is also higher than 1.2 kV 30A devices at -
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[bookmark: _Toc198285631][bookmark: _Toc198802707]Figure 4.22. Larger  increases the voltage drop time during turn on transient.












[bookmark: _Ref194916314][bookmark: _Toc194913493][bookmark: _Toc198802629]Table 4‑4. Temperature sensitivity of 10 kV SiC MOSFET power module TSEP
	TSEP
	TSEP Symbols
	Temperature Coefficient

	Threshold voltage
	
	-0.08

	Turn on delay time
	
	-106 ps

	Current rise time
	
	-306 ps

	Voltage fall time
	
	-149 ps



0.005 V/℃ in [9]. Due to the limited data available for SiC MOSFET, only a number of TSEPs can be compared. Unlike 3.3 kV and 1.2 kV devices, voltage slew rate dv/dt, voltage overshoot and switching loss during turn off cannot be selected as TSEPs.
[bookmark: _Toc197936620][bookmark: _Toc198802432]Comparison with 10 kV Discrete Device
A discrete device rated at 10 kV and 20 A, featuring a single die, has also undergone testing at various temperatures. By doing DPT at 6.8 kV DC voltage and 8 A load current, turn-on parameters were extracted. These parameters, including turn-on delay time, current rise time, and voltage fall time, are presented in Table 4‑5.
Similar to the 10 kV, 100 A power module, which consists of six dies in parallel, these turn-on parameters exhibit a linear decrease with increasing temperature. This consistent trend confirms their viability as TSEPs, making them useful for temperature monitoring and modeling in both discrete and module based SiC MOSFETs. Linear temperature dependence provides a reliable basis for predicting device performance under varying thermal conditions.
Conversely, turn-off parameters were also derived from the same DPT test. It is evident that the turn-off delay time increases with higher temperatures. However, similar to the power module, voltage rise time and dv/dt remain independent of temperature variations in Table 4‑6. 
This suggests that, similar to the power module, turn-off delay time is the only viable turn-off TSEP for the discrete device, while other turn-off characteristics are not temperature sensitive. These findings reinforce the importance of selecting the appropriate TSEPs for accurate 

[bookmark: _Ref194916326][bookmark: _Toc194913494][bookmark: _Toc198802630]Table 4‑5. Turn on parameters of discrete 10 kV 20 A SiC MOSFET.
	Temperature ()
	25
	50
	75
	100
	125

	tdon (ns)
	37.1
	35.8
	34.9
	33.9
	30.1

	tcr (ns)
	83.8
	81.6
	78.1
	73.6
	73

	tvf(ns)
	206.7
	202.2
	198.7
	195.2
	191

	dv/dt (V/ns)
	45.1
	50.1
	53.1
	55.1
	59.4


[bookmark: _Ref194916349][bookmark: _Toc194913495]
[bookmark: _Ref198392095][bookmark: _Toc198802631]Table 4‑6. Turn off parameters of 10 kV 20 A SiC MOSFET.
	Temperature (℃)
	25
	50
	75
	100
	125

	tdoff (ns)
	69.8
	75.2
	79.4
	82.6
	88

	tvr (ns)
	172.2
	171.5
	170.6
	173.1
	172.5

	dv/dt (V/ns)
	45.5
	46
	45.4
	45.3
	44.7














temperature monitoring and performance optimization in high voltage SiC MOSFET applications.
[bookmark: _Toc197936621][bookmark: _Toc198802433]Temperature Sensor Based on TSEP
Dynamic TSEPs play a crucial role in assessing the performance of 10 kV SiC MOSFETs. Research has shown that these parameters can change by tens of nanoseconds across a 100°C temperature span, making real-time measurement challenging, especially given the fast-switching speeds inherent to WBG semiconductor applications. 
Both voltage fall time and current rise time exhibit negative temperature coefficients. As temperature increases, the voltage fall time decreases, leading to a higher dv/dt, while the current rise time similarly shortens, resulting in an increased di/dt. This relationship is visually represented in Figure 4.23.
High-speed switching dynamics necessitate advanced sensing techniques capable of capturing nanosecond-scale variations, imposing significant demands on microcontroller resources. As an alternative, the voltage induced by TSEPs can be compared against a preset threshold calibrated at the maximum temperature, enabling effective over-temperature protection. This method aligns with the primary objective of most applications, which is to prevent over-temperature events rather than continuously monitoring the full temperature range. 
Measuring the DC voltage of the half bridge power module as shown in Figure 4.24, turn on di/dt induces voltage drop on the power loop inductance  , thus the dc voltage becomes  . This voltage drop is directly proportional to the rate of current change and the total loop inductance, which comprises the equivalent series inductance (ESL) of the DC-link capacitor, the busbar inductance, and any wire inductance in the power path.
The sensing circuit scales down this transient voltage using a resistive voltage divider, producing a signal denoted as  Since the turn-on di/dt typically increases with temperature due to faster switching transitions, the voltage drop observed at  also becomes more pronounced at elevated temperatures. This temperature-sensitive behavior is exploited for over-temperature protection and is demonstrated experimentally.
  signal is fed into a comparator with a predefined reference voltage. When the voltage drop exceeds a threshold—indicating an excessive di/dt and, a high device temperature—the comparator triggers a protection signal to the system controller.

[image: ]
[bookmark: _Toc198285632][bookmark: _Toc198802708]Figure 4.23. di/dt increase with temperature measured at 6.5 kV 57 A.
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[bookmark: _Ref194915830][bookmark: _Toc198285633][bookmark: _Toc198802709]Figure 4.24. Over-temperature protection circuit based on sensing turn on di/dt.









The sensing circuit transfer function from  can be written as (4.8) [1] : 

Due to operation at 3 kV,  is a 10 kV capacitor capable of withstanding dc voltage. The parameters are listed in Table 4‑7.
To establish a feasible threshold for accurate over-temperature protection, we calibrate the power module across different temperatures and measure voltage undershoot and sensor voltage at an operating condition of 3 kV and 30 A as shown in Figure 4.25. The test setup is shown in Figure 4.26, In this setup, a hotplate heats the power module to a specific temperature, while a fiber optic temperature sensor monitors the module to verify when the desired temperature is reached. 
Figure 4.27 shows the DC voltage first undershoot increases with elevated temperatures. The detailed values of DC voltage undershoot and are presented in Figure 4.28 and Figure 4.29 respectively. 
The protection threshold is set at -2.8 V for over-temperature protection at 100 . Figure 4.30 shows the protection successfully triggered at 100 , as the DC voltage undershoot significantly increased at higher temperature and exceeded the threshold. The comparator output was pulled up and a signal was to the controller for over-temperature protection.

[bookmark: _Ref194916356][bookmark: _Toc194913496][bookmark: _Toc198802632]Table 4‑7 di/dt voltage undershoot sensing circuit parameters.
	Parameter
	Value

	
	24 k

	
	10 pF

	
	0.6 k

	
	1 nF

	
	200 nH


[bookmark: _Toc198285634][bookmark: _Toc198802710][bookmark: _Ref195883210][image: A screen shot of a computer

AI-generated content may be incorrect.]Figure 4.25. DC voltage undershoot and sensor voltage measurements during turn on at 25.
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[bookmark: _Ref196125094][bookmark: _Toc198285635][bookmark: _Toc198802711]Figure 4.26. Experiment setup for TSEP calibration under different temperatures. 
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[bookmark: _Ref195883228][bookmark: _Toc198285636][bookmark: _Toc198802712]Figure 4.27. Voltage undershoot increases with higher temperature.
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[bookmark: _Ref195883240][bookmark: _Toc198285637][bookmark: _Toc198802713]Figure 4.28. Voltage undershoot increases linearly with higher temperature.
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[bookmark: _Ref195883243][bookmark: _Toc198285638][bookmark: _Toc198802714]Figure 4.29. Sensor voltage increases with higher temperature.
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[bookmark: _Ref196573278][bookmark: _Toc198285639][bookmark: _Toc198802715]Figure 4.30. Over-temperature protection triggered at 100 .
[bookmark: _Toc197936622][bookmark: _Toc198802434]\






To establish a feasible threshold for accurate over-temperature protection, we calibrate the power module across different temperatures and measure voltage undershoot and sensor voltage at an operating condition of 3 kV and 30 A as shown in Figure 4.25. The test setup is shown in Figure 4.26, In this setup, a hotplate heats the power module to a specific temperature, while a fiber optic temperature sensor monitors the module to verify when the desired temperature is reached. 
Figure 4.27 shows the DC voltage first undershoot increases with elevated temperatures. The detailed values of DC voltage undershoot and are presented in Figure 4.28 and Figure 4.29 respectively. 
The protection threshold is set at -2.8 V for over-temperature protection at 100 . Figure 4.30 shows the protection successfully triggered at 100 , as the DC voltage undershoot significantly increased at higher temperature and exceeded the threshold. The comparator output was pulled up and a signal was to the controller for over-temperature protection.
[bookmark: _Toc198802435]Summary
This chapter presents an in-depth analysis of TSEPs for Wolfspeed’s XHV-9 10 kV SiC MOSFET power module. The key contributions are as follows:
· TSEP Characterization: Conducted a comprehensive extraction of critical TSEPs, on-state resistance and threshold voltage are temperature dependent. Also, turn-on delay time, current rise time, and voltage fall time during turn on transient are selected as TSEPs, all exhibiting negative temperature coefficients. 
· Cross Comparison of SiC Devices: Demonstrated consistent temperature trends in turn-on TSEPs across both 10 kV and 3.3 kV SiC MOSFETs, with the 10 kV device showing more significant temperature induced variation. Turn-off parameters such as turn off delay time, voltage rise time and current fall time in 10 kV devices show negligible temperature sensitivity—contrary to the behavior observed in 3.3 kV and 1.2 kV counterparts.
· Development of an over temperature protection sensor which does not occupy resources from microcontroller. 

[bookmark: _Toc197936623][bookmark: _Toc198802436]Cooling System Design
To dissipate heat effectively, a sufficient cooling system is required for a 1 MVA five-level MMC based on 10 kV, 100 A SiC power modules as shown in Figure 5.1. The MMC detailed parameters are listed in Table 5‑1. However, achieving efficient heat dissipation necessitates a large cooling system, which in turn reduces the overall power density of the converter. Additionally, ensuring proper insulation between the high voltage switching devices and cooling components poses another challenge. This chapter addresses these issues by presenting a detailed design procedure for liquid cooling and selecting appropriate coolants with high dielectric strength. Air cooling with specific clearance and creepage distances is also presented. These two types of cooling methods are compared in terms of thermal performance, size, cost and installation effort. The effectiveness of the chosen design is validated through experimental measurements. Part of the content in this chapter is from the author’s conference paper published in IEEE APEC 2024 [130].
[bookmark: _Toc197936624][bookmark: _Toc198802437]Cooling Design Considering Insulation
In numerous low voltage applications, cooling designs often overlook insulation considerations. However, in MV systems, insulation is a crucial aspect of cooling design. In the case of this MMC converter, with a DC link voltage of 24 kV, the DC+ and DC- of the 24kV are +12kV and -12kV to the ground because the middle point is grounded. When the uppermost submodule is inserted, the drain of the lower device connects to the DC link at 12 kV to ground. Given that the device is rated at 10 kV, the DBC between the device and the cooling component may not offer adequate insulation.
In the scenario of liquid cooling, where cold plates are constructed from electrically conductive metal, the coolant circulating between these cold plates, the chiller, and the pump must be non-conductive. This measure eliminates the risk of electrical bridging between different components. 
Regarding air cooling, the supplier recommends connecting the heatsink to the source of the device. This approach is intended to reduce the maximum electric field within the power module. However, because of this connection, the voltage of the heatsink relative to ground becomes a pulsating voltage, reaching a peak value of 12 kV, as illustrated in Figure 5.2.
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[bookmark: _Ref194914621][bookmark: _Toc198285640][bookmark: _Toc198802716]Figure 5.1. 5-level MMC phase leg.












[bookmark: _Ref194914648][bookmark: _Toc194913497][bookmark: _Toc198802633]Table 5‑1. Specification of 5-level MMC.
	Parameters
	Values

	DC link voltage
	24 kV

	AC output voltage
	13.8 kV

	Switching frequency
	5 kHz

	SM per arm
	4

	SM voltage
	6 kV

	SM capacitance
	66 uF

	Arm inductance
	5 mH








[bookmark: _Toc198285641][bookmark: _Toc198802717][bookmark: _Ref194914755][image: A diagram of a voltage

AI-generated content may be incorrect.]Figure 5.2. Heatsink voltage to ground of upper arm submodules.
This high pulsating voltage presents a significant hazard to nearby low-voltage components, such as the cooling fan, gate drivers, and APS. The risk arises from possible dielectric breakdown, unintended capacitive coupling, or EMI, which could lead to malfunction or voltage breakdown.
 The voltage difference between adjacent heatsinks depicted in Figure 5.3, is a pulsating 6 kV. To prevent electrical breakdown and maintain insulation integrity, clearance and creepage distance requirements must be implemented between heatsinks. Clearance—the shortest air gap between conductive parts—must be sufficient to prevent arcing, while creepage distance—the surface path between conductors—must be designed to withstand prolonged high-voltage stress and potential surface contamination. 
Within a single heatsink, where multiple fins are at the same voltage potential, the electric field between fins remains minimal. However, sharp edges of the heatsink act as points of high field concentration.
Figure 5.4. illustrates the simulated relationship between the maximum electric field () and the excitation voltage for a single heatsink fin. The results indicate a linear increase in () as the applied voltage rises, emphasizing that the maximum electric field occurs around the edges of the heatsink. This concentration presents a potential risk for air ionization, dielectric breakdown, and corona discharge.
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[bookmark: _Ref194914783][bookmark: _Toc198285642][bookmark: _Toc198802718]Figure 5.3. Voltage difference between adjacent heatsinks from SM1 to SM4 from top to bottom.
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	6 kV excitation:

	9 kV excitation:

	12 kV excitation:



[bookmark: _Ref194914894][bookmark: _Toc198285643][bookmark: _Toc198802719]Figure 5.4. Electric field distribution at different voltages.




To further validate the electric field distribution within the system, a 3D simulation was conducted using Ansys Electrostatic. The model, illustrated in Figure 5.5. includes key structural components such as heatsinks, air ducts, and fan adapters to closely replicate real-world conditions.
In the simulation setup, the top heatsink was applied a voltage of 12 kV, while the bottom heatsink was set to 6 kV, representing the maximum voltage on individual heatsink and the maximum voltage difference between adjacent heatsinks. To simulate the low-voltage fan, the top surface of the fan adapter was grounded at 0V. 
From Figure 5.6. Emax is observed at the edges of the top heatsink, closer to the fan, with a value of 3x105V/m. This value is significantly lower than the air breakdown electric field threshold of 3x106V/m. Moreover, the maximum electric field between the top and bottom heatsink is approximately 8x104V/m, which also falls within the air breakdown limit. The clearance distance between the fan and the heatsink was established at 125 mm, in accordance with insulation coordination guidelines for systems operating at 12 kV. This design decision is based on standard atmospheric pressure, Pollution Degree 2 (typical for indoor environments), and material group III. The selected clearance aligns with recommendations from UL 840, ensuring adequate protection against electrical arcing under normal operating conditions. Overall, the simulation results indicate that the electric field distribution in the system remains below the air breakdown threshold.
[bookmark: _Toc197936625][bookmark: _Toc198802438]Liquid Cooling Design
[bookmark: _Hlk124257936]Liquid cooling systems for power electronics typically involve cold plates, a chiller, and connection tubes. The coolant determines the thermal performance and insulation strength of the whole system. The selection of a suitable coolant is first introduced. 
[bookmark: _Toc197936626][bookmark: _Toc198802439]Coolant Selection
 Water is commonly chosen because of its high heat capacity and thermal conductivity. Facility water can be used directly in the chiller, but it may require filtration to remove minerals and chloride, which can negatively affect thermal performance and corrode metal tubing.
Deionized (DI) water is an alternative coolant option where ions are removed. It acts as an excellent insulator with high resistivity, preventing electrical arcing caused by static charge buildup. To safeguard the power module and gate driver from arcing damage, DI water is preferred over regular water. However, it is important to note that DI water is highly corrosive,
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[bookmark: _Ref198392139][bookmark: _Toc198285644][bookmark: _Toc198802720]Figure 5.5. Electric field simulation of air-cooling system.
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[bookmark: _Ref198392151][bookmark: _Toc198285645][bookmark: _Toc198802721]Figure 5.6. Magnified view of the electric field of the heatsink.

necessitating the use of corrosion-resistant materials such as stainless steel and plastics for the pump, cold plates, and plumbing. Also, DI water requires running a specialized deionization filter continuously to remove the ions from the water, which is expensive and time consuming.
Alternatively, dielectric fluids like 3M Fluorinert and 3M Novec 649 are non-conductive as shown in Table 5‑2. However, they exhibit much lower thermal conductivity than DI water and are more expensive, making them less commonly used in liquid cooling systems. They are usually used to immerse electronic circuits for cooling.
[bookmark: _Toc197936627][bookmark: _Toc198802440]Cold plate Selection
Each submodule, with a voltage difference of 6.5 kV, is mounted on an individual cold plate. The CP10 2-pass cold plate, similar in size to the XHV-9 power module, is selected. The nomenclature is given in Table 5‑3. Calculating the outlet temperature () based on (5.1), with a flow rate of 0.5 GPM, an inlet temperature of 20℃, and a maximum heat dissipation of 300 W, the outlet temperature is 22.27 ℃.
In the three-phase 5-level MMC, there are 24 power modules, each requiring a cold plate. To maintain a modular design, the cold plates are connected in series within a group, and these groups are then connected in parallel. As the coolant flows through the series-connected cold plates, the temperature of the coolant increases, causing the cold plate at the end of the series to reach the highest temperature. However, the cold plates in parallel will maintain similar temperatures due to the uniform flow rate across them. The coolant inlet temperature is 20°C. Given that the specific heat of water is very similar at 20°C, 25°C, and 30°C (4.1844 kJ/(kg∙K), 4.1816 kJ/(kg∙K), and 4.1801 kJ/(kg∙K), respectively), 4.1816 kJ/(kg∙K) is used for calculations. 
[bookmark: _Ref194916378][bookmark: _Toc194913500]In Table 5‑4. junction temperature and main pipe flow rate of different arrangements of cold plates (different series and parallel combinations) are presented. The largest difference of maximum junction temperature between different configurations is around 8 , which is due to the fact that coolant temperature increases by 1.13 after running through one cold plate at 1 gallon per minute (GPM). Due to the constraint of maximum flow rate provided by pump and flow rate loss caused by manifolds, we can only parallel a small number of cold plates. 
Here lists an example of four cold plates in one arm connected in series. The general design steps follow the flow chart in Figure 5.7. As the coolant passes through each cold plate, the outlet coolant temperature increases. The fourth cold plate in the series has the highest coolant

[bookmark: _Ref197949856][bookmark: _Toc194913498][bookmark: _Toc198802634]Table 5‑2. Common Coolant Comparison.
	Coolant
	Water
	DI water
	3M
Fluorinert
	3M
Novec 649

	Specific heat
(J/kg
	4184
	4184
	1100
	1103

	Thermal conductivity

	0.598
	0.598
	0.060
	0.059

	Dielectric strength
(kV/mm)
	NA
	>20
	>15.7
	>15.7


[bookmark: _Ref194916368][bookmark: _Toc194913499]
[bookmark: _Toc198802635]Table 5‑3. Nomenclature.
	Temperature of fluid leaving cold plate
	

	Inlet temperature of fluid
	

	Heat load of device
	

	Density of the fluid
	

	Cooling fluid air velocity
	

	Specific heat of the fluid
	

	Normalized thermal resistance
	

	Maximum cold plate surface temperature
	


[bookmark: _Ref198392184]






[bookmark: _Toc198802636]Table 5‑4. Cooling performance between different cold plates configurations.
	Number of cold plates in series (group)
	Number of groups in parallel
	Maximum
Outlet temperature (
	Maximum SiC device junction temperature
(
	Main pipe flow rate (GPM)
	Total cold plates pressure drop (psi)

	1
	24
	21.14
	63.23
	24
	0.6

	 2
	12
	22.27
	64.37
	12
	1.2

	4
	6
	24.54
	66.64
	6
	2.4

	8
	3
	29.09
	71.19
	3
	4.8
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[bookmark: _Ref194915873][bookmark: _Toc198285646][bookmark: _Toc198802722]Figure 5.7. Design flowchart of liquid cooling.


[bookmark: _Toc197936628]temperature, then the surface temperature can be calculated using (5.2). 
Silicone-based thermal interface material (TIM) with a thermal conductivity of 7 W/m·K was utilized to enhance heat transfer between the power module and the heatsink. The TIM layer was applied at a uniform thickness of 0.1 mm over a contact area of 150 mm × 75 mm. Under a steady-state power dissipation of 300 W, the resulting thermal resistance was calculated to be approximately 0.0013 K/W, yielding a temperature differential of only 0.39 °C across the interface. 
Consequently, the temperature deviation across the interface remains negligible. Thus, assuming the cold plate surface temperature equals the power module case temperature, and the junction-to-case thermal resistance  is 0.0689 ℃/W, the maximum junction temperature calculated from (5.3) is 66.76 ℃, less than the maximum allowable temperature limit (100 ℃). The maximum allowable temperature is limited to 100 °C in order to mitigate thermally accelerated degradation mechanisms and ensure long-term device reliability.
If the junction temperature exceeds the maximum temperature limit, the flow rate can be increased, which will eventually require a larger pump. Another option is selecting a larger cold plate or a 4-pass cold plate to accommodate the heat load.



[bookmark: _Toc198802442]Chiller Selection
[bookmark: _Hlk147740074]Next, we estimate the total pressure drop in the cooling system (), which includes the pressure drop of the cold plates (), the pressure drop inside the chiller (), and the pressure drop of the tubing (). 

Pressure drop increases exponentially with flow rate. At a flow rate of 0.5 GPM, a single CP10G03 2-pass cold plate has a pressure drop of 0.3 psi. Therefore, 24 cold plates have a pressure drop of = 24 × 0.3 = 7.2 psi. The pressure drop inside the chiller is approximately 10 psi. 
Pipe friction losses depend on pipe diameter, flow rate, and length. Using the Hazen-Williams equation for water:

where V is flow rate (GPM), C is pipe roughness coefficient (~140 for PVC, ~100 for steel), D is pipe inner diameter and L is pipe length. Assuming D = 0.5-inch, pipe length is 2 m per set, Q = 0.5 GPM per cold plate set, friction loss per PVC pipe is about 0.35 psi. Thus, the total pressure drop calculated from (5.4) is 18.7 psi.
A suitable pump can be selected to accommodate this flow rate and pressure. Referring to Table 5‑5, it is evident that faster flow rate leads to improved thermal performance. However, this improvement necessitates a larger pump with higher head pressure to handle the increased pressure drop in the system. To cool 24 power modules, each dissipating 300 W of heat, the total heat load is 7.2 kW. Therefore, a 10 kW chiller is chosen for the cooling capacity.
[bookmark: _Toc198802443]Air Cooling Design
[bookmark: _Toc197936630][bookmark: _Toc198802444]Heatsink Selection
The power module loss is determined by the switching speed, switching frequency, and modulation strategy in MMC. The loss is measured based on DPT of a single half bridge submodule at 6.5 kV and 55 A. The maximum loss is estimated to be 300 W. The junction to case thermal resistance of the 10 kV, 100 A power module from Wolfspeed is 0.0689. To maintain a junction temperature below 100 providing margin below the 125 maximum operating limit, the case temperature is assumed to be approximately 80 . The heatsink and baseplate surfaces are considered thermally equivalent to the case temperature.

[bookmark: _Ref194916396][bookmark: _Toc194913501][bookmark: _Toc198802637]Table 5‑5 Pump pressure at varying flow rate.
	Cold plate flow rate (GPM)
	Pump flow rate (GPM)
	Maximum junction temperature ()
	Single cold plate pressure drop (PSI)
	Pump pressure drop (PSI)

	0.5
	3
	76.7
	0.3
	17.55

	1
	6
	65.9
	0.55
	24.05

	1.5
	9
	61.7
	0.8
	30.05

	2
	12
	59.4
	1.4
	44.45


Given a 55  ambient temperature stated in the project requirement, the maximum allowable thermal resistance of the heatsink is calculated to be 0.081 /W. A Wakefield 510-6M extruded aluminum heatsink (187 mm × 152 mm × 79.7 mm) is selected, which provides a thermal resistance of 0.07 /W at an airflow velocity of 4 m/s. Therefore, a minimum airflow of 4 m/s is required to ensure adequate thermal management under worst-case power dissipation conditions.

[bookmark: _Toc197936631][bookmark: _Toc198802445]Power Module Model Building
To analyze thermal distribution within the power module, six dies operating in parallel for a single switch are modeled to account for variations in heat dissipation due to placement and electrical characteristics as shown in Figure 5.8.  In the simulation, a constant power dissipation is applied to each die, and the thermal resistance of each layer is calculated based on the temperature difference at thermal equilibrium. 
The thermal resistance of individual layers, including the silicon dies, solder layers, direct bonded copper (DBC), ceramic substrate, and baseplate, is systematically evaluated. The total simulated thermal resistance is then compared to the junction-to-case thermal resistance of 0.0689°C/W provided in the datasheet. The close agreement between these values confirms the validity of the steady-state thermal model. 
The detailed material and its thermal characteristics are listed in Table 5‑6. The primary heat dissipation path is directed downward, where heat generated by the dies is transferred through the DBC substrate and baseplate before reaching the heatsink.
In contrast, the upward heat flow through the silicone gel and outer case is minimal and, therefore, considered negligible in this analysis. Consequently, the silicone gel and outer case are excluded from the thermal model to focus on the dominant heat dissipation pathway.
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	[bookmark: _Ref163584589][bookmark: _Ref163584583][bookmark: _Toc198285647][bookmark: _Toc198802723]Figure 5.8. Power module model in Icepak.


[bookmark: _Ref194916406][bookmark: _Toc194913502]
[bookmark: _Toc198802638]Table 5‑6. Power module thermal characteristics.
	Component
	Material
	Specific heat
	Thermal Expansion Coefficient

	Die
	SiC-kt grade
	555 J/kg°C
	4.0e-6/°C

	DBC copper
	Copper
	385 J/kg°C
	1.77/°C

	Substrate
	Al_N
	770 J/kg°C
	5.2/°C



In the simulation, a total power loss of 300 W, which comes from the loss calculation, is assigned for the power module, with each die dissipating 25 W of power. Under operating conditions with a 25°C ambient temperature and an air velocity of 10  m/s, the maximum junction temperature reaches 70°C, while the heatsink temperature is approximately 50°C, as shown in Figure 5.9. This temperature distribution indicates effective heat dissipation through the DBC substrate and baseplate to the heatsink, ensuring that the module operates within safe thermal limits.
[bookmark: _Toc197936632][bookmark: _Toc198802446]Airduct Design
There are four submodules in one arm of the MMC, and eight submodules in one phase leg. It is preferred to have an air duct that provides airflow to four submodules simultaneously. Here, two types of air ducts are presented. Numerical estimation is done first to evaluate the viability of the design, which follows the steps shown in Figure 5.10. Then CFD simulation is carried out to verify the air velocity and power module temperature increase.
Multiple T-shape Airduct
A multiple T shape air duct, commonly used in ventilation systems is examined here as shown in Figure 5.11. The duct system begins with a fan located at Section 1, where air is drawn into the system. From there, the airflow proceeds through a T-shaped fitting, which distributes the flow into two branches. One of these branches incorporates a 90° bend that further directs the airflow toward four separate outlet sections. This configuration is analyzed to evaluate the airflow
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[bookmark: _Ref194915898][bookmark: _Toc198285648][bookmark: _Toc198802724]Figure 5.9. Thermal simulation of SiC power module mounted on air-cooled heatsink in Ansys Icepak.
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[bookmark: _Ref194915909][bookmark: _Toc198285649][bookmark: _Toc198802725]Figure 5.10. Airduct design procedure.
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[bookmark: _Ref198392283][bookmark: _Toc198285650][bookmark: _Toc198802726]Figure 5.11. Multiple T-shape air duct top view.

distribution and  pressure drop.
The energy required to push air through the pipe is dissipated in friction pressure loss, which can be further categorized into major loss and minor loss. Major loss is caused by friction within a pipe as shown in (5.6), where f is the friction factor, L and D are the pipe length and diameter, ρ represents the air density, and V is air velocity.

Minor loss occurs at the change of section, valve, bend or other interruption. In this case, the major loss is negligible as the air duct is short, while minor loss is dominant due to the T type fitting and 90° bends. Minor loss can be calculated in (5.7), where k is the minor loss coefficient. The detailed calculation is shown in Table 5‑7.

Narrowing Width Slanted Airduct  
Air velocity is significantly diminished as it passes through 90° bends; thus, a straight airduct with narrowing width is designed to have minimum air flow reduction. The airduct has four same size outlets facing the four heatsinks in a row as shown in Figure 5.12.
Each outlet has a size like a heatsink; with an air velocity V of 4 m/s, the volume air velocity can be calculated for each outlet. The total volume air velocity in the main airduct is the sum of
[bookmark: _Ref194916417][bookmark: _Toc194913503][bookmark: _Toc198802639]Table 5‑7. Air velocity of T-shape airduct.
	Section
	Volume air velocity (m3/s)
	WidthHeight（mm）
	Actual air velocity (m/s)
	Minor loss (Pa)
	Minor loss coefficient

	1-2
	0.188
	0.12x0.1
	15.7
	147.3
	1

	2-3
	0.094
	0.12x0.1
	7.8
	36.8
	1

	3-4
	0.047
	0.10x0.1
	4.7
	19.9
	1.5





[bookmark: _Ref198392366][bookmark: _Toc198285651][bookmark: _Toc198802727]Figure 5.12. Narrowing width slanted airduct top view and front view.








four outlet volume air velocities in (5.8), where the 3600 factor converts m3/s to m3/hr.

From the law of conservation of energy, for a steady, non-compressible flow for a fixed control volume, the change in total pressure between any two points in a system is equal to the sum of the change in static pressure between the points and the change in velocity pressure between the points. To maintain equal volume air velocity at all outlets, the pressure in the whole airduct should be the same, and the main duct air velocity  is larger than outlet air velocity. 
Then the dynamic pressure loss from the beginning to the end of the duct is equal to the total pressure loss of the whole air duct as shown in (5.9), where  is average pressure loss per meter,  is the distance traveled by air and  is the change of static pressure. 

The aerodynamic design incorporates a gradually shrinking cross-sectional area along the main duct to compensate for the static pressure increase resulting from converted dynamic pressure as airflow progresses downstream. This area reduction follows conservation principles where decreasing velocity pressure is balanced by rising static pressure. The system assumes uniform flow factors (air resistance coefficients) across all outlets, accounting for consistent outlet geometry, discharge angles, and velocity ratios between outlets and the main duct.
Computational analysis initiates at the primary intake cross-section (representing total volumetric flow rate) and propagates sequentially through subsequent segments. This methodology ensures proper pressure balancing while maintaining design uniformity, with each outlet's flow characteristics being determined by its local static pressure and the predetermined resistance factor.

Dynamic pressure at cross section 1 is
Then we calculate the pressure loss between section 1 and section 2. Hydraulic diameter of the duct is calculated in (5.12), which converts the rectangular duct dimension to a circular duct diameter, simplifying later stage friction loss calculations.

Unit average pressure loss caused by friction along the duct is

Total pressure drops from section 1 to section 2 is 

Dynamic pressure at section 2 equals

Air velocity at section 2 can be calculated from the dynamic pressure in ()

is calculated by subtracting  from .  can be derived from the same equation as in (5.10). The same process repeats itself from section 2 to section 3 and from section 3 to section 4. The calculation results are shown in Table 5‑8.
To select a fan, the total pressure  for this duct is calculated in ()

The dynamic pressure is calculated in (), and static pressure is explained as follows. As each outlet connection to the airduct is equivalent to a three-way bypass pipe, static pressure works to overcome its friction. The local drag coefficient is

We can find the average local drag coefficient between the first and the fourth outlet connection. The local drag coefficient at the outlet is ~3.5. Static pressure can be calculated in ()

The total pressure required is 67.7 Pa, which equals 0.28-inch water. At the same time, the volume air velocity is 864 or 509 CFM. From the fan curve, if the pressure at 509 CFM exceeds 0.28-inch water, then this fan would work. Also, it is better that the fan is the same size as the air duct, so no additional adaptor is needed. Due to the large pressure and flow velocity, a 205 205 72 mm 110 Vac fan OA205AN is selected.


[bookmark: _Ref194916425][bookmark: _Toc194913504][bookmark: _Toc198802640]Table 5‑8. Calculation results of slanted airduct.
	Cross section No
	Volume air velocity

	Dynamic
pressure

	Static pressure

	Air flow velocity

	Cross section area


	1
	866.3
	21.6
	46.1
	6.0
	0.040

	2
	649.7
	20.9
	46.1
	5.9
	0.031

	3
	433.2
	20.0
	46.1
	5.8
	0.021

	4
	216.6
	19.0
	46.1
	5.6
	0.011

	Cross section No
	Width
Height
     (mm)
	Hydraulic
diameter
 (m)
	Airduct 
	Average pressure
Loss  
	Pressure loss


	1
	0.2 0.2
	0.195
	1-2
	2.384
	0.715

	2
	0.191 0.2
	0.174
	2-3
	2.646
	0.794

	3
	0.130 0.2
	0.144
	3-4
	3.218
	0.965

	4
	0.067 0.2
	0.094
	4-5
	5.100
	1.530





CFD Simulation in Icepak
The airduct is drawn in Solidworks and then imported into Icepak. An opening is assigned at the beginning of the airduct with a velocity of 6 m/s as shown in Figure 5.13. It is observed that the air velocity at all four outlets remains relatively uniform, averaging around 6 m/s. To further verify this, the velocity vector is decomposed to determine the velocity perpendicular to the outlet. The result shows an air velocity of approximately 4 m/s, which aligns closely with previous calculations. Additionally, the outflow direction at all four outlets is largely parallel, confirming the design's effectiveness.
The outflow angle is consistent across all outlets, indicating an equal flow rate. This consistency is supported by the fact that the outflow angle tangent value, determined by the ratio of velocity in the main duct to outlet velocity, remains stable. The main duct air velocity only slightly decreases from 6 m/s to 5.58 m/s. This observation confirms that the airflow is evenly distributed across all outlets, validating the accuracy and reliability of the air duct design. 
Next, the power module, heatsinks and submodule capacitors are incorporated into the simulation with the air duct to model the real setup in Figure 5.14. Only one power module is simulated in this setup instead of four power modules to save computational resources and time. Still four heatsinks and their submodule capacitors are placed along the airduct outlets so the air flow across the heatsinks is the same as the actual setup. As the fourth outlet is most likely to exhibit the lowest air velocity due to the lowest dynamic pressure, the power module simulated is placed at the heatsink furthest away from the fan, presenting the worst case.
From the Simulink simulation using nearest level modulation, the lower switch in one submodule incurs a power loss of 225 W, while the upper switch incurs 75 W. Given that each switch consists of six parallel dies, the power loss is distributed evenly, assigning 37.5 W to each die in the lower switch and 12.5 W to each die in the upper switch.
As shown in Figure 5.14. upper switch dies’ temperature is ~73  and the lower switch die temperature is ~50 ; these temperatures are all well within the safe operation range of 100. The maximum die temperature is larger than the calculated value based on thermal resistance due to the thermal cross coupling effects of multiple dies in the package. 
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[bookmark: _Ref194915941][bookmark: _Toc198285652][bookmark: _Toc198802728]Figure 5.13. Air flow distribution of slanted air duct.
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[bookmark: _Ref194915952][bookmark: _Toc198285653][bookmark: _Toc198802729]Figure 5.14. Temperature distribution of the power module. 
















Airduct Integrated with Heatsink
The last section 5.3.3.2 explores equal air velocity design based on ventilation theory; however, the air duct takes significant space which is nearly half of the power modules it aims to cool. To reduce the size of the cooling system, a more compact airduct is needed. This section investigates the air duct integrated with heatsinks, where heatsinks are placed inside a rectangular air duct. Calculating the airflow becomes more challenging due to the obstruction of the heatsinks.
 However, assuming the air duct is ideally airtight, the principle of conservation of mass dictates that the volume of air flowing in must equal the volume flowing out, resulting in a uniform air velocity across the heatsinks. In the simulation, the power module model is simplified as a rectangular heat source to streamline meshing and computational efforts, given that the dies and DBC of the power module are significantly smaller than the heatsink and air duct. The CFD simulation imposes an inlet velocity constraint of 14 m/s based on measured values. The airflow direction is from left to right. Analysis of the cross-sectional view reveals a relatively uniform airflow across the four heatsinks, ranging from around 4 m/s at the bottom of the fin to 8 m/s at the base in Figure 5.15.
Notably, the maximum surface temperature of the heatsinks increases gradually from 25 °C at the first heatsink to 32 °C at the fourth heatsink in Figure 5.16. This temperature variation is attributed to the downstream air being hotter than the upstream air, contributing to the thermal behavior observed in Figure 5.17.
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[bookmark: _Ref198393187][bookmark: _Toc198285654][bookmark: _Toc198802730]Figure 5.15. Air velocity of straight air duct with heatsinks.
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[bookmark: _Toc198802731]Figure 5.16. Heatsink temperature distribution.
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[bookmark: _Toc198802732]Figure 5.17. Air temperature across the duct.


[bookmark: _Toc197936633][bookmark: _Toc198802447]Experiment Verification
[bookmark: _Toc197936634][bookmark: _Toc198802448]Straight Airduct Air Velocity Measurement
The air velocity is measured at three cross sections marked I, II, and III between adjacent heatsinks as shown in Figure 5.18. At one cross section, ten measurements are made at horizontal positions 1, 2, 3, 4, and 5 from bottom to the top, as given in Figure 5.19.  And W = 15 cm and H = 7cm.
The average flow rates were calculated from bottom to top at each position, and the overall average air velocity across all five positions offers a comprehensive view of the air duct's performance as listed in Table 5‑9.
The flow rate experiences a slight decrease from 10.17 m/s to 9.42 m/s as the air passes through the first two heatsinks. However, after the third heatsink, the flow rate increases to 9.70 m/s. The flow rate drops due to the friction loss with the heatsink and the air duct. Also, the air duct is not entirely air proof. Despite these variations in the flow rate across different stages of the air duct, the overall average flow rate remains relatively stable. 
This stability is consistent with the simulation results, confirming that the airflow distribution is well-maintained throughout the system. The minimal fluctuations indicate effective thermal management and airflow efficiency within the duct.
Air cooling verification
The test setup with a single heatsink is designed to closely resemble the conditions within an air duct, ensuring that the cooling performance in the test setup is representative of the final implementation. Identical Heatsink and Fan Usage: The test setup employs the same heatsink
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[bookmark: _Ref190693901][bookmark: _Toc198285657][bookmark: _Toc198802733]Figure 5.18. Air flow velocity measurement locations.
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[bookmark: _Ref194915988][bookmark: _Toc198285658][bookmark: _Toc198802734]Figure 5.19. Flow rate measurement position at one cross-section.
[bookmark: _Ref194916432][bookmark: _Toc194913505][bookmark: _Toc198802641]
Table 5‑9. Air velocity measured at different positions.
	Unit (m/s)
	1
	2
	3

	Location
	bottom
	top
	average
	bottom
	top
	average
	bottom
	top
	average

	I
	9.4
	18.0
	13.70
	6.6
	11.2
	8.90
	9.0
	2.5
	5.75

	II
	9.7
	12.2
	10.95
	7.9
	10.0
	8.95
	9.0
	5.4
	7.20

	III
	10.7
	10.8
	10.75
	9.9
	10.0
	9.95
	9.5
	6.9
	8.20

	Unit (m/s)
	4
	5
	

	Location
	bottom
	top
	average
	bottom
	top
	average
	
	
	

	I
	18.3
	6.2
	12.25
	16.1
	4.4
	10.25
	
	
	

	II
	14.8
	7.4
	11.10
	10.6
	7.2
	8.90
	
	
	

	III
	13.6
	7.8
	10.70
	9.3
	8.5
	8.90
	
	
	


	


and fan that will be used in the final air duct design. This ensures that the airflow characteristics, including velocity and distribution, remain consistent.
Airflow Validation Through Fan Adapter: In the air duct design, the fan is connected to the heatsink via a fan adapter. Measurements confirm that the air velocity remains nearly unchanged through the adapter, indicating that the adapter does not introduce significant losses or restrictions.
    Matching Cross-Sectional Area: The cross-sectional area of the air duct is designed to match that of the heatsink. This prevents variations in airflow distribution that could arise from duct expansion or contraction, ensuring that the cooling conditions in the test setup accurately reflect those in the final implementation.
The test setup runs a half-bridge single submodule continuously at 5 kHz for five minutes at its full power rating of 6 kV and 50 A, resulting in a 300 W power loss. The hardware setup is shown in Figure 5.20. This mimics the operational conditions expected in the full MMC system, validating the heartsink’s ability to manage thermal dissipation under real-world conditions. By replicating the airflow conditions and heat dissipation characteristics expected in the final system, the test setup effectively verifies that the heatsink will perform as intended when integrated into the air duct.
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[bookmark: _Ref163585694][bookmark: _Toc198285659][bookmark: _Toc198802735]Figure 5.20. Submodule testing with heatsink
Using an Omega fiber optic temperature sensor, the blue curve in Figure 5.21 illustrates the heatsink temperature’s steady increase starting at 10.34 minutes, eventually reaching a thermal equilibrium state after approximately five minutes. During this period, the heatsink temperature stabilizes at 49.8℃, while the junction temperature of the power module is estimated to be around 65℃. These measured results align closely with both the simulation results presented in Figure 5.9 and the theoretical calculations, effectively confirming the accuracy of the thermal design. This testing and comparison demonstrate that the heatsink and power module's thermal management system function as expected.
Liquid cooling verification
In addition to the heatsink testing, a performance evaluation was conducted using a two-pass cold plate (CP10G03) and a Poly Science chiller to assess the effectiveness of liquid cooling under similar operating conditions.
As shown in Figure 5.22, this setup was used to test the cold plate's performance under similar conditions. The cold plate’s thermal resistance at a flow rate of 2 GPM and a coolant temperature of 25℃ was determined to be 0.055 W/℃. This value corresponds to the last cold plate in the set, which experiences the highest coolant temperature, leading to a calculated cold
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[bookmark: _Ref163585709][bookmark: _Toc198285660][bookmark: _Toc198802736]Figure 5.21. Heatsink temperature measured
[bookmark: _Ref190696411][bookmark: _Toc198285661][image: ]
[bookmark: _Toc198802737]Figure 5.22. Single submodule testing with cold plate and chiller.

plate surface temperature of 41.5℃. The measured surface temperature was found to be 39℃, which falls within a reasonable range. These results validate the accuracy of the cold plate's thermal performance calculations at the specified flow rate and coolant temperature, confirming that the predicted cooling efficiency aligns closely with the actual test results. 
[bookmark: _Toc197936635][bookmark: _Toc198802449]Phase Leg Testing
In many cases, the heatsink is in direct contact with a dedicated fan to achieve optimum thermal performance. In this application, where the heatsink is connected to the source of the power module to preserve its insulation integrity, the heatsink has a minimum 6 kV voltage potential to ground reference. The clearance and creepage distance required between the heatsink and the fan makes placing the fan and heatsink in close range difficult. Especially, the high dv/dt of 10 kV power module which reaches more than 90 V/ns, seriously deteriorates air insulation capability. 
Thus, in this design, the fan is situated 100 mm away from the high voltage potential heatsink, and air flow is distributed through an airduct, like the ventilation system in a building with a centralized air exchanger. This reduces the number of fans and avoids the insulation problem. 
A straight air duct design is proposed, where the four heatsinks sit inside the rectangular air duct.. The heatsinks are separated from each other by 300 mm. Two identical fans rated at 24 V and 125 CFM, one is blowing in air from the right of the airduct, and another fan is extracting air from the left. The hot exhaust air is confined within an air duct, preventing heat from affecting adjacent electrical components. The MMC phase leg is illustrated in Figure 5.23.The MMC comprises of three distinct shelves. The top shelf accommodates dc link capacitors, the middle shelf houses MMC submodules and arm inductors, while the bottom shelf is dedicated to RC loads. Testing has been conducted with a 12 kV dc link voltage, lower than the proposed 24 kV target. This adjustment was made after multiple power modules failed during DPT at 6 kV. To preserve the remaining modules, the test voltage was reduced to 3 kV per submodule, resulting in a total of 12 kV DC link voltage in the 5-level MMC configuration. The load resistor is specified at 7.6 Ω, and the load capacitor at 13.75 uF.
Figure 5.24 provides a visual representation of key performance metrics, including arm currents, output voltage, and load current. During testing, the measured heatsink temperature stabilizes at 28 ℃, corresponding to a 50 W power module loss. The actual power loss is significantly lower than the maximum designed loss, which was established at a 24 kV dc link voltage, with additional safety margins considered. 
The deviation from the original design specifications is the change in loading conditions. The initially intended resistive (unity power factor) loading cannot be tested in the lab due to the active power constraint of the Spellman high voltage power source. Instead, a mostly capacitive 0.039 power factor RC load is tested. 
[bookmark: _Toc197936636][bookmark: _Toc198802450]Summary
This chapter explored the cooling design challenges for a medium-voltage multilevel converter, addressing thermal management, power density constraints, and insulation requirements in both liquid cooling system and air cooling system. The detailed contributions are listed below:
· System-Level Liquid Cooling: Designed and analyzed multi-cold-plate configurations (series vs. parallel) for 24 power modules, addressing chiller integration, flow balancing, and system pressure drop—areas often overlooked in existing research.
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[bookmark: _Ref195780167][bookmark: _Toc198285662][bookmark: _Toc198802738]Figure 5.23. MMC phase leg test setup.
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[bookmark: _Toc198285663][bookmark: _Toc198802739]Figure 5.24. MMC test waveforms from top to bottom: upper arm current (20A/div); lower arm current (20A/div); output current (40A/div); PWM voltage (4kV/div); output voltage (4kV/div).

· Validated Air Cooling Strategies: Developed slanted ducts for uniform airflow. Tested another more compact integrated heatsinks airduct design with small flow rate drop. Experimental results aligned with CFD predictions, guiding practical air-cooled solutions for MV systems.
· Verified both liquid cooling and air cooling strategies under high voltage and high power conditions. Liquid cooling delivered superior thermal performance. Air cooling showed adequate thermal performance with advantages of cost-effectiveness and simple installation.



[bookmark: _Toc197936637][bookmark: _Toc198802451]8-level Flying Capacitor Converter Testing 
The MMC presented in Chapter 5 cannot meet the 3.33 kW/L power density project target due to the large volume of submodule capacitors (66 µF) and arm inductors (5 mH). To address this issue, a flying capacitor converter (FCC) topology is adopted, offering higher power density through the use of small flying capacitors and a more compact filter inductor. 
The MV FCC is inherently complex, given the operation of multiple components within the system. Establishing a standardized test procedure is paramount to ensure each component's functionality and insulation strength. This involves conducting separate tests for each component before assembling them together for converter testing. This chapter delves into the individual components design of the power stage, sensors and mechanical layout. And finally, converter testing procedure regarding insulation, protection and operation at full power is presented.
[bookmark: _Toc197936638][bookmark: _Toc198802452]Power Stage Parameters
The component parameters of the medium-voltage (MV) phase leg topology are listed in Table 6.1, and the corresponding 8-level flying capacitor converter circuit is illustrated in Figure 6.1. Two major components, the flying capacitor and output filter inductor are covered in this section.

[bookmark: _Ref194916440][bookmark: _Toc194913506][bookmark: _Toc198802642]Table 6‑1. 8-level FCC parameters.
	Component
	Parameters

	Device
	Wolfspeed XHV-9 10 kV/100 A SiC MOSFET
Switching frequency: 5 kHz/device, Loss: 150 W each device

	DC link
	Voltage: 24 kV
Capacitance: 82.9 uF

	Limiting resistor
	Two 2 k resistors in parallel, and two of them in series

	Filter inductor
	Inductance: 2.5 mH
Current: 60 A max / 22 A RMS
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[bookmark: _Toc198802740]Figure 6.1. 8-level flying capacitor converter schematic.


[bookmark: _Toc197936639][bookmark: _Toc198802453]Flying capacitor selection
In low-voltage applications, flying capacitors with the same voltage ratings and capacitance values are utilized across various stages in an FCC. The capacitance for these flying capacitors is defined by (6.1).

where  denotes the switching frequency,  is the required voltage ripple, and  refers to peak output current. However, when this principle is applied in MV settings, it results in oversized flying capacitors for the FCC stages operating at higher voltage levels. For example, the initial stage operates at a rated voltage of 3.57 kV, whereas the seventh stage is rated at 24 kV in the examined 8-level FCC. To accommodate the voltage needs of the final stage, seven flying capacitor units from the first stage must be connected in series, which reduces the capacitance to one-seventh. This configuration requires seven such units to be paralleled to maintain the same total capacitance, leading to the flying capacitor in the last stage being 49 times larger than that in the first stage. To address the issue of size, this design keeps the voltage ripple percentages at 10% consistent across the different FCC stages, allowing for smaller capacitance requirements for flying capacitors in the higher stages. Overall, for the xth stage, the size of the flying capacitor decreases from x2 to x times that of the first stage.
The flying capacitors (FCs) follow a modular design. The first-stage FC1 consists of four 1.1 kV, 40 µF capacitors (TDK B32778G0406K00) connected in series on one daughter board. For subsequent stages, the x-stage FC will include x daughter boards, maintaining the same modular design approach. To manage the voltage stress on the power module effectively, the maximum drain-source voltage for the x-stage can be calculated by considering the voltage ripple induced by the charging and discharging of the adjacent flying capacitors in Equation (6.2) [131].
Because of the phase shift control, the maximum charging and discharging time for the FCs is determined as . Note that for the 5th and 6th stages, the number of flying capacitors is doubled to ensure the device voltage remains below 4 kV. If not, the device voltages could reach 4.2 kV and 4.4 kV, which would compromise their reliability. 

The values of the flying capacitors are listed in Table 6-2. The device voltage is further validated through simulation as illustrated in Figure 6.2, confirming that it remains within the 4000 V limit. Due to the symmetrical configuration of the lower and upper devices, only the upper devices are presented. The flying capacitor voltage ripples of FC7 to FC1 are 427V. 499 V, 394V, 589V, 458V, 325V, 180V, respectively as shown in Figure 6.3, which are all maintained below 10% of the operating voltage, thereby meeting the design specifications. 
Another important design consideration for flying capacitors is their current handling capability, particularly the RMS current rating. In this design, the flying capacitor is subjected to a pulsed current waveform with a switching frequency of 5 kHz and an effective RMS current of approximately 17 A. The capacitor selected for this application has a manufacturer-specified maximum RMS current rating of 21.5 A, measured at 10 kHz and an ambient temperature of 70 °C. Since the actual operating conditions involve a lower switching frequency (5 kHz) and an RMS current that is significantly below the rated limit, the thermal stress on the capacitor is substantially reduced. Lower frequency operation typically results in reduced dielectric losses and lower equivalent series resistance (ESR)-related heating. Therefore, under the given electrical and thermal conditions, the capacitor is expected to operate well within safe thermal limit. 

	[bookmark: _Toc194913507]Capacitor
	FC1
	FC2
	FC3
	FC4
	FC5
	FC6
	FC7

	Value (uF)
	10
	5
	3.33
	2.5
	2*2
	1.66*2
	1.426


[bookmark: _Toc198802643]Table 6‑2 Flying capacitor values at seven stages.
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[bookmark: _Ref194913990][bookmark: _Toc198285665][bookmark: _Toc198802741]Figure 6.2. All seven upper devices drain source voltage is within 4 kV limit.
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[bookmark: _Ref194847501][bookmark: _Toc198285666][bookmark: _Toc198802742]Figure 6.3. Voltage ripple values of flying capacitor voltage 7-1 are 427V. 499 V, 394V, 589V, 458V, 325V, 180V, respectively.

[bookmark: _Toc197936640][bookmark: _Toc198802454]Filter inductor
For the source side inverter with L filter, the relationship between phase side voltage , the source side voltage  and source side phase current  and power factor angle  is expressed in (6.3)

where L is the filter inductance and  is fundamental angular frequency. With unity power factor, for a 0.01 p.u. inductance value,  is approximately equal to . For this 1 MVA, 13.8 kV system, the inductance of 0.01 p.u. is 5.05 mH. 
We can verify the selected inductance value through simulation by ensuring that the distributed energy resource (DER) output current TRD (Total Rated Distortion) remains below 5%, in compliance with the IEEE 1547 standard. Initially, an inductance of 5.05 mH was used in simulation to evaluate TRD.  The inductance can be reduced to 2.5 mH to improve converter power density without exceeding the TRD limit, achieving a TRD of 4.9% as shown in Table 6‑3. 
This reduction still meets the TRD requirement as illustrated in Figure 6.4. By reducing the size of the inductor, space is conserved in the overall design, allowing for a more compact and efficient layout. Minimizing losses in the inductor also contributes to better energy efficiency and reduces heat generation. Furthermore, the current ripple is restricted to less than 20% to achieve an optimal balance between performance and efficiency. 

[bookmark: _Ref194916447][bookmark: _Toc194913508][bookmark: _Toc198802644]Table 6‑3. TRD at different filter inductance.
	Filter inductance (mH)
	TRD

	5.05
	2.6%

	2.5
	4.9%

	2.0
	6.1%
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[bookmark: _Toc198285667][bookmark: _Toc198802743]Figure 6.4. Harmonic current percentage when filter inductance is 2.5 mH.

[bookmark: _Toc197936641][bookmark: _Toc198802455]Power Module Test
Originally, the MV converter comprised an 8-level FCC which is composed of 7 half-bridge power modules in one phase leg. Given that the power modules are still undergoing research and have been produced in two separate orders, static characterization tests are conducted on both the upper and lower devices of the same power module from each order. This is to evaluate whether the power modules have similar  and transconductance.
The first batch of power modules, including modules 224, 225, 227, 291, 292, and 293, are represented by data points 1-12, while the second batch, consisting of modules 281, 314, 346, 241, and 280, are represented by data points 13-22. During forward conduction tests, it is observed from Figure 6.5. that the upper and lower devices within each module exhibit similarity, and most modules demonstrate uniform behavior, except for modules 241 and 280, when the gate voltage is set to 15 V. Consequently, most modules exhibit comparable on-state resistance and conduction loss. 
However, it is noted that when the gate voltage is reduced to 10 V, the first batch of modules reaches saturation earlier than the second batch, as illustrated in Figure 6.6. At 60 A, voltage 
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[bookmark: _Ref194916024][bookmark: _Toc198285668][bookmark: _Toc198802744]Figure 6.5. Forward conduction curves of ten 10 kV SiC MOSFET power modules when Vgs=15 V.

[image: ]
[bookmark: _Ref194916031][bookmark: _Toc198285669][bookmark: _Toc198802745]Figure 6.6. Forward conduction curves of ten 10 kV SiC MOSFET power modules when Vgs=10 V.
[bookmark: _Ref194916039][bookmark: _Toc198285670]
[bookmark: _Toc198802746]Figure 6.7. Transfer conduction curves of ten 10 kV SiC MOSFET power modules.
drop across modules is 2.8 V to 3.5 V when gate voltage is 15 V. Thus, it is best to switch on the power module with 15 V gate voltage for lower voltage drop and conduction loss. The transfer curves in Figure 6.7. show more uniformity, which indicates the power modules share similar switching speed thus similar switching loss. 
Due to the failure of some modules above 4 kV, a hipot test was conducted on all 50 received modules. The power terminals were shorted together, and a high voltage of 7 kV was applied between the terminals and the baseplate to screen for modules exhibiting exceptionally high leakage current. Only those modules with low leakage current (less than 1 mA) were selected for further evaluation. It is important to note that the hipot test alone does not guarantee reliable insulation performance, as the actual application involves a 5 kHz PWM voltage applied between the drain and source terminals. Therefore, the selected modules subsequently underwent DPT at 3.3 kV to verify their switching performance under high-voltage conditions. Modules that passed both the hipot and DPT tests were assembled into the phase leg configuration.
[bookmark: _Toc197936642][bookmark: _Toc198802456]Sensor Calibration
[bookmark: _Toc197936643][bookmark: _Toc198802457]Current Sensor Calibration
Calibrating the current sensor is crucial because the closed-loop control of the converter relies on accurately sensing current direction to adjust the duty cycle effectively. The current sensor consists of a 100 A hall effect sensor, which converts current into a voltage signal. This voltage signal then undergoes amplification to enhance its sensitivity in proportion to the current. Subsequently, the voltage signal is converted into a frequency signal by a VFC and transmitted to the controller via optical fiber. 
Since the current sensor measures AC output current, it is calibrated for both current directions. The test setup consists of a TDK GEN30-50 (0-50 A) power supply connected with several resistors. The main bus wire goes through the current sensor. The power supply controls the output current feeding into the sensor, and the frequency is read from the controller side. From Figure 6.8. frequency increases linearly with current. The lowest frequency is 1.34 MHz, meeting the requirement of 10x the current loop control bandwidth at 5 kHz.
[bookmark: _Toc197936644][bookmark: _Toc198802458]Voltage Sensor Calibration
Each level of the flying capacitor converter is monitored by a dedicated voltage sensor to ensure stable operation and prevent overvoltage conditions. These sensors consist of a series of voltage dividers that scale down the voltage before feeding it into a VFC as shown in Figure 6.9. 
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Figure 6.7. Transfer conduction curves of ten 10 kV SiC MOSFET power modules
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[bookmark: _Ref194916048][bookmark: _Toc198285671][bookmark: _Toc198802747]Figure 6.8.Current sensor output frequency vs current.
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[bookmark: _Ref198392589][bookmark: _Toc198285672][bookmark: _Toc198802748]Figure 6.9. Voltage sensor diagram.

The VFC then converts the voltage into a high-frequency signal, which is transmitted via optical fiber to the controller.
This voltage information is crucial for two key protection mechanisms: Flying capacitor overvoltage protection (OVP) prevents excessive voltage in any capacitor level. Device OVP, by subtracting adjacent flying capacitor voltages, the drain-source voltage of each switching device can be determined, allowing for real-time monitoring and protection.
Since each phase leg contains seven voltage sensors, calibration is necessary to ensure uniform output across all sensors when subjected to the same input voltage. This enhances the accuracy of the OVP mechanisms. During calibration, a power supply applies a constant voltage to the , and the VFC output frequency is measured using an oscilloscope. The measured data for voltage sensors V1 to V7 is shown in Figure 6.10 and presented in Table 6‑4. Output frequency deviation stays within 2% across seven sensors at the same voltage.
[bookmark: _Toc197936645][bookmark: _Toc198802459]Mechanical Design of MV Phase leg
As it is a modular design, each power module with its gate driver, desat diode, connection board with the flying capacitor (FC) and heatsink is depicted in Figure 6.11. The heatsink is installed with field shaping rings and a trapezoidal platform underneath to prevent potential corona discharge.
[bookmark: _Toc197936646][bookmark: _Toc198802460]Busbar Design
The FCs are implemented using a modular design. The first-stage FC is built on a single daughter board that houses four 1.1 kV, 40 µF capacitors connected in series. For higher stages, an x-stage FC is formed by integrating x daughter boards, following the same modular approach. 

[bookmark: _Ref194914289][bookmark: _Toc194913509][bookmark: _Toc198802645]Table 6‑4. Voltage sensor output frequency (MHz)
	Vsample(V)
	V1
	V2
	V3
	V4
	V5
	V6
	V7

	0.5
	0.2036
	0.2023
	0.2056
	0.2031
	0.2047
	0.204
	0.204

	1
	0.4074
	0.4056
	0.4096
	0.4068
	0.4087
	0.407
	0.4084

	4
	1.642
	1.637
	1.639
	1.641
	1.645
	1.647
	1.637
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[bookmark: _Ref194914259][bookmark: _Toc198285673][bookmark: _Toc198802749]Figure 6.10. Voltage sensor output frequency vs input sampling voltage.
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[bookmark: _Ref194916056][bookmark: _Toc198285674][bookmark: _Toc198802750]Figure 6.11. Power module with gate driver and heatsink.


This configuration directs the current along a zigzag path, which effectively reduces loop inductance through flux cancellation.
Due to the 8 kV voltage difference between adjacent capacitors at the edge, a slot measuring 15 mm in width and 52.5 mm in depth is introduced between their pads. This design achieves a creepage distance of 123.5 mm and a clearance distance of 52.5 mm, thereby providing a 30% safety margin above the 40 mm clearance distance required by IPC-2221B for surface tracks.
Furthermore, the PCB tracks connecting the capacitors are 20 mm wide and made with 2 oz copper on both the top and bottom layers. When conducting 60 A of current at an ambient temperature of 25 ℃, these tracks experience a temperature rise of approximately 10 ℃. The PCB itself is 120 mil thick, ensuring sufficient structural strength to support up to 28 capacitors. 
Busbar design is essential for minimizing the commutation loop inductance in flying capacitor converters, ensuring fast switching and reducing voltage overshoot and oscillation. To achieve this, flying capacitors are placed between switching devices, while adjacent capacitor stages are stacked vertically to promote loop cancellation. This arrangement shortens the current paths and minimizes parasitic inductance, thereby improving overall switching performance. 
As shown in Figure 6.12 and Figure 6.13, the even-stage FCs are positioned at the bottom, while the odd-stage FCs are placed on top. A 1/4" G10 Garolite board is inserted between them, serving as an insulation barrier and structural support. 
The layout of the high-voltage, high-current components is carefully designed, with these components positioned centrally between the power modules. Low-voltage components, such as the APS and the gate drivers are located at the edge of the power modules. This creates a clear separation between the primary and secondary side components, which maintains adequate insulation distances and minimizing the risk of electrical arcing. Additionally, the design reduces the signal distortion caused by radiated EMI, thereby protecting sensitive control circuits.
Another critical consideration is the output cable connected to the filter inductor. This cable is a high dv/dt and di/dt point, which can introduce transient disturbances. To mitigate these effects, it is vital that the APS and its connection wires be placed away from the filter inductor.
The power stage in Figure 6.14, occupies a volume of 0.096 m³, which meets the 3.33 kW/L power density requirement specified in the project’s statement of work. However, when the decoupling capacitors is considered, the total volume increases to 0.122 m³, thereby failing to meet the specified power density target. To address this issue, an optimization strategy will be
	[image: ]

	[bookmark: _Ref163640672][bookmark: _Toc198285675][bookmark: _Toc198802751]Figure 6.12. FCC phase leg layout first layer.
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[bookmark: _Toc198285676][bookmark: _Toc198802752]Figure 6.13. FCC phase leg layout second layer.
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[bookmark: _Toc198802753]Figure 6.14. 8-level FCC dimensions.


presented in the next chapter, in which a smaller ceramic capacitor is selected to reduce the overall system volume. The final physical assembly is shown in Figure 6.15. the red decoupling capacitors are positioned above the FCs at the center of the structure, while the APSs are mounted adjacent to each gate driver.
[bookmark: _Toc197936647][bookmark: _Toc198802461]MV phase leg testing
Before the assembly of the MV phase leg, each high-voltage component undergoes insulation testing to ensure its reliability and safety. Power modules are tested using a 3 kV DPT, while the APS is verified to be PD-free up to 15 kV. Partial discharge (PD) testing was conducted on adjacent heatsinks, with an inception voltage of 13.16 kV, to verify their insulation integrity. Additionally, the heatsink–fan assembly was tested up to 15.5 kV to ensure sufficient dielectric strength between components. Additionally, components like voltage sensors, flying capacitors, and decoupling capacitors are subjected to hipot tests to ensure their insulation quality.
[bookmark: _Toc197936648][bookmark: _Toc198802462]Static voltage test
Once the components are assembled into the converter, a comprehensive system-level insulation test is performed. During this test, gate signals are intentionally disabled to keep the power modules in off state. The DC link voltage is gradually increased to 20 kV while closely monitoring for any signs of PD. This evaluates the insulation of the entire system under static high-voltage conditions.
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[bookmark: _Ref194916081][bookmark: _Toc198285679][bookmark: _Toc198802754]Figure 6.15. FCC test setup.

During testing, a snapping sound was heard when the DC voltage exceeded 20 kV, accompanied by voltage spikes observed on the oscilloscope. The test was immediately halted, and once the DC link voltage dropped to zero, all connections—including the DC link capacitors and balancing resistors—were thoroughly checked to ensure none were open-circuited.
Despite multiple test repetitions, the issue persisted. Further investigation revealed that the metal frame of the input resistors, which were used to limit input current and prevent overcurrent protection triggering in the Spellman power supply, was the root cause. The metal frame had sharp edges, leading to air discharge when subjected to high voltage. After removing the metal frames, subsequent tests showed no voltage spikes on the DC link voltage at 24 kV, confirming that the issue was resolved.
[bookmark: _Toc197936649][bookmark: _Toc198802463]Voltage balancing and protection
 The flying capacitor OVP and device OVP were tested separately. During initial testing, the DC link voltage gradually increased, allowing the flying capacitor voltages at each level to rise due to the balancing resistors. To prevent device degradation, no gate signals were applied to the power devices. The OVP threshold was set according to the DC link voltage. For example, if testing at 5 kV DC link voltage, the protection was expected to trigger at 130% of this value. The voltage signals received by the controller were monitored on an oscilloscope, confirming that all seven voltage levels exhibited uniform frequency, indicating balanced capacitor voltages.
Subsequently, the converter was tested under full PWM operation and successfully reached 9 kV DC link voltage. However, at 10 kV, the OVP unexpectedly triggered. The flying capacitor voltages remained below the threshold, and neither the DC link voltage nor the AC output voltage displayed any abnormalities on the oscilloscope. Upon further analysis of voltage signals D0 to D6, we discovered a momentary disruption in all signals before the protection activated as shown in Figure 6.16.
The issue was likely caused by common-mode (CM) current from the power stage flowing through the controller ground, leading to interference. To mitigate this: 1) A large CM choke was added at the controller power input.  2) The controller was powered using a UPS to isolate it from supply fluctuations.  3) Shielding was added to the ribbon cable measuring voltage signals to reduce noise coupling.
Despite these efforts, the problem persisted. Eventually, we moved the controller 4 meters away from the converter and shielded the controller cabinet to prevent interference from radiated EMI as presented in Figure 6.17. This modification successfully eliminated the issue, allowing the converter to operate beyond 10 kV without premature protection triggering. 
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[bookmark: _Ref194916089][bookmark: _Toc198285680][bookmark: _Toc198802755]Figure 6.16. Voltage sensor signals 1-7 D0-D6 are interrupted.
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[bookmark: _Ref194916101][bookmark: _Toc198285681][bookmark: _Toc198802756]Figure 6.17. The controller moved away from the converter cabinet.

[bookmark: _Toc197936650][bookmark: _Toc198802464]Multiple pulse test
Following the insulation test and verification of the OVP, the gate signals and feedback signals of all gate drivers are monitored to verify correct dead time, phase shift, and to ensure there are no shoot-through or noise coupling issues. During continuous testing, it was observed that several power modules experienced failures at drain-source voltages below 3 kV. This suggests that these power modules degrade rapidly during continuous operation. To address this, a shorter multiple pulse test is adopted, where the converter first soft startup for 20 cycles and operates in full rating for 20 cycles, then dc power source turns off, ensuring the system's robustness and reliability. Successful operation demonstrated up to 20 kV in Figure 6.18. validates the effectiveness of the testing procedures and the overall design of the converter. 
[bookmark: _Toc197936651][bookmark: _Toc198802465]Summary
In this chapter, we focus on the design and testing of an 8-level FCC, covering key aspects such as capacitor selection, busbar design, and output filter inductor to meet power density and
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[bookmark: _Ref194933697][bookmark: _Toc198285682][bookmark: _Toc198802757]Figure 6.18. 8-level FCC test waveforms at 20 kV, from top to bottom: output current (5A/div), DC+ voltage (5kV/div), output PWM voltage (5kV/div), output voltage (5kV/div), DC- voltage (5kV/div), lowest stage flying capacitor voltage (5kV/div).

TRD requirements. 
· Capacitor Configuration Optimization: Investigated series-connected capacitor arrangements, balancing reduced effective capacitance and increased voltage ripple through a trade-off between voltage stability and operating range.
· High-Voltage Insulation and Layout Strategies: Tackled insulation design challenges at high power density by optimizing spacing and minimizing parasitic coupling between primary and secondary components to suppress false triggering from dv/dt and di/dt transients.
· Component-Level Testing: Conducted screening of power modules (on-state resistance, transconductance), current sensors (zero-crossing calibration), and voltage sensors (linearity and accuracy) to ensure uniformity and reliability.
· High-Voltage System Testing: Validated converter performance through static insulation tests, PWM gate signal checks, voltage balancing across flying capacitors, and a multi-pulse testing at 20 kV to reduce power module stress and enhance reliability.


[bookmark: _Toc197936652][bookmark: _Toc198802466]New Module Flying Capacitor Converter Testing
During 8-level FCC testing described in chapter 6, approximately six Wolfspeed modules were damaged. Wolfspeed module insulation deteriorates rapidly and cannot withstand the voltage level at less than 4 kV (even though they used 10 kV SiC MOSFET dies). To achieve full voltage rating at 24 kV, a new FCC phase leg is built based on modules packaged by Powerex. All the modules successfully passed PD test at 10 kV and DPT test at 6 kV; thus, the FCC is reduced to 5 level. The DC link and load configuration are consistent with those of the 8-level FCC. The flying capacitor selection is based on the same criteria discussed in the last chapter. The voltage sensor adjustment involved modifying the voltage divider according to the operational voltage, while the current sensor remains unchanged. The primary differences involve the power module and the decoupling capacitor, which are discussed in detail in the following sections.
[bookmark: _Toc197936653][bookmark: _Toc198802467]Power Module Comparison
The Powerex modules also used Wolfspeed’s 3rd-generation 10 kV, 20 A dies, with six dies in parallel per switch. However, Powerex’s design introduced several key improvements:
Each module contains only a single switch instead of a full bridge, effectively halving the voltage stress on the DBC substrate and potting materials. A double-layer DBC is implemented between the drain and baseplate, further reducing voltage stress compared to the single-layer DBC in the Wolfspeed module.
Dies with similar threshold voltage are grouped together in one power module. The Powerex module features a dedicated gate PCB, ensuring uniform gate-to-die inductance with only 3.7% variance. In contrast, Wolfspeed’s module connects all dies to a single ring-shaped DBC, causing the dies farther from the gate to experience higher gate loop inductance. The internal gate resistance is higher in the Powerex module, with each die having a 5 Ω gate resistance, compared to 2 Ω in the Wolfspeed module. Due to a non-disclosure agreement, the internal structure of the power modules cannot be disclosed. However, the outer appearances of the modules are shown below in Figure 7.1.
Static characteristics are examined for the new module to investigate any differences in saturation current, on-state resistance, and junction capacitance that impact conduction and switching loss.
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	(a) Wolfspeed module: 2 switches in a half bridge, size (150x75x25) mm
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	(b) Powerex module: 1 switch, size (130x140x48) mm


[bookmark: _Toc197936654][bookmark: _Toc198802758]Figure 7.1. Wolfspeed module vs Powerex module.













[bookmark: _Toc198802468]Static Characterization Comparison
Forward conduction test examined the Powerex module's drain-source voltage and current with gate voltage ranging from 5 V to 15 V. Figure 7.2 shows the test waveforms. At Vgs=15V, the current reaches 100 A with a 5 V drop, slightly higher than Wolfspeed’s 92 A in Figure 7.3. At Vgs=8V, Powerex's saturation current is 55 A versus Wolfspeed's 35 A. Although both modules are based on 3rd-generation dies, their saturation currents differ, and the underlying reason has not been specified by the manufacturer. Still, the on-state resistances are similar at 50 A, 15V gate resistance because of comparable voltage drop, which indicates similar conduction loss.
[bookmark: _Toc197936655][bookmark: _Toc198802469]Junction Capacitance Comparison
Junction capacitance impact switching speed and loss. The drain-source capacitance  is influenced by the permittivity of the semiconductor material, doping concentration, depletion width, and junction area. The gate-drain capacitance  is determined by the overlap and fringing capacitances between the gate and drain terminals and is further amplified by the Miller effect during switching transitions. As a result, both  and  are highly nonlinear and strongly dependent on the drain-source voltage. 
 Meanwhile, the gate-source capacitance  is primarily determined by the gate oxide capacitance and channel depletion capacitance. To accurately characterize ​, measurements are performed at a low drain-source voltage (300 V), as   is governed by the gate-source voltage and remains largely unaffected by the drain-source voltage.
The gate-source capacitance is measured at lower drain source voltage at 300 V because it is not affected by drain source voltage but rather gate source voltage. Since both Powerex and Wolfspeed modules utilize the same dies, their capacitance values are mostly similar as shown in Table 7‑1. These discrepancies can be attributed to variations in packaging layout, such as bond wire length and internal parasitics, rather than to differences in the semiconductor die itself.
 Further comparisons of the capacitance characteristics across a broader voltage range are presented in Figure 7.4, Figure 7.5, and Figure 7.6. which consistently demonstrate that remains stable and closely matched between the two modules under various voltage range.
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[bookmark: _Toc198285684][bookmark: _Toc198802759]Figure 7.2. Powerex module  curve at 25.
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[bookmark: _Toc198285685][bookmark: _Toc198802760]Figure 7.3. Wolfspeed module  curve at 25


[bookmark: _Ref194916457][bookmark: _Toc194913510][bookmark: _Toc198802646]Table 7‑1. Comparison of capacitance between different modules.
	
	 at 3 kV 
	 at 3 kV 
	

	Powerex module
	35.2 nF
	97.8 nF
	44 nF

	Wolfspeed module
	30.7 nF
	105 nF
	41 nF
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[bookmark: _Ref194916123][bookmark: _Toc198285686][bookmark: _Toc198802761]Figure 7.4. Output capacitance comparison between Powerex and Wolfspeed SiC modules.
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[bookmark: _Ref194916132][bookmark: _Toc198285687][bookmark: _Toc198802762]Figure 7.5. Gate-drain capacitance comparison between Powerex and Wolfspeed SiC modules.
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[bookmark: _Ref194916141][bookmark: _Toc198285688][bookmark: _Toc198802763]Figure 7.6. Gate-source capacitance comparison between Powerex and Wolfspeed SiC modules.














[bookmark: _Toc197936656][bookmark: _Toc198802470]Switching Loss Comparison
The switching loss is separated into turn on loss  and turn off loss . The turn on loss is calculated from the integral of  and  over current rise time and voltage fall time. While the turn off loss is calculated from the integral of  and  over voltage rise time and current fall time. The switching loss of Powerex module and Wolfspeed module tested at 2.5  external gate resistance are presented in Table 7‑2. and Table 7‑3. respectively.
At comparable voltage and current conditions, such as 6.1 kV and 50 A, the switching loss of the Powerex module is 52.82 mJ, while that of the Wolfspeed module is 49.88 mJ. The slightly higher switching loss of 2.94 mJ in the Powerex module can be attributed to its larger internal gate resistance of 0.83 Ω per switch, compared to 0.33 Ω in the Wolfspeed module.
Additionally, the baseplate capacitance of the Powerex module is 118 pF, resulting in a capacitance-related loss of 2.20 mJ, whereas the Wolfspeed module, with a baseplate capacitance of 55 pF, exhibits a corresponding loss of 1.07 mJ. This difference further contributes to the observed variation in switching loss.
Furthermore, the larger power loop inductance in the Powerex module reduces the switching speed, thereby increasing the switching loss. Overall, the switching losses of the two modules are relatively similar.
[bookmark: _Toc197936657][bookmark: _Toc198802471]Decoupling Capacitor Comparison
To manage high voltage, multiple flying capacitors are connected in series, which inevitably increases loop inductance and results in significant voltage overshoot during switching transients. To mitigate voltage stress on the device, a decoupling capacitor is incorporated to supply transient current. 
In the 8-level FCC system, five 6 kV polypropylene (PP) film capacitors were utilized in series on one side of the PCB for 24 kV operation, and four capacitors on the opposite side for 21.2 kV operation. This configuration effectively reduced voltage overshoot, despite the large size of these decoupling capacitors. In the 5-level FCC system, each stage operates at 6 kV, compared to 3.4 kV in the 8-level FCC system at full 24 kV DC link voltage. This results in a higher di/dt, leading to greater voltage overshoot. To mitigate the resulting voltage stress on the power modules, a decoupling capacitor with lower equivalent series inductance (ESL) is selected to reduce the total inductance in the commutation loop. Accordingly, the high-voltage ceramic 


[bookmark: _Ref194916468][bookmark: _Toc194913511][bookmark: _Toc198802647]Table 7‑2. Powerex module switching loss at 25℃.
	Vdc (kV)
	IL (A)
	Eon (mJ)
	Eoff (mJ)
	Etotal (mJ)

	6.1
	13
	21.74
	10.85
	32.59

	6.1
	31.7
	30.56
	11.85
	42.41

	6.1
	50
	39.62
	13.2
	52.82



[bookmark: _Ref194916477][bookmark: _Toc194913512][bookmark: _Toc198802648]Table 7‑3. Wolfspeed module switching loss at 25
	Vdc (kV)
	IL (A)
	Eon (mJ)
	Eoff (mJ)
	Etotal (mJ)

	6.04
	17
	24.66
	7.11
	31.77

	6.04
	40
	35.77
	7.48
	43.25

	6.06
	50
	41.85
	8.03
	49.88





capacitor TDK B58035U9754M062, which offers a more compact solution, is employed for the 5-level FCC.
A detailed comparison between decoupling capacitors is presented in Table 7-4, highlighting the advantages of using high-voltage ceramic capacitors. However, given its effective capacitance of only 0.39 µF at 900 V, two capacitors were paralleled and 30 of them were put in series to support 24 kV operation. This arrangement ensured stable performance and minimal voltage overshoot.
During a hipot test conducted at 20 kV, air discharge was observed from the metal frames of the ceramic capacitors—an issue that did not occur with the larger PP capacitors. This is threatening as it could potentially lead to component failure and corona discharge. To eliminate this problem, we designed an enclosure to house the capacitors on both sides of the PCB. 
The complete assembly underwent encapsulation using Wacker 613 silicone gel, as illustrated in Figure 7.7. This specially formulated two-component gel was selected for its exceptional dielectric properties (20 kV/mm breakdown strength) and low viscosity (150 mPa·s before curing), which enabled complete penetration of allspaces. The encapsulation process involved:
Pre-treatment with isopropyl alcohol to ensure surface cleanliness
Vacuum degassing at 0.1 bar for 60 minutes to eliminate air pockets
Controlled curing at 25°C for 24 hours to achieve optimal mechanical properties
After vacuum pressure potting, the flying capacitor assembly successfully passed the hipot test, demonstrating the effectiveness of our solution. 
Current ratings were also evaluated. With a maximum pulse current of 0.73 A and an RMS current of 0.26 A at 5 kHz, both types of capacitors satisfy the application requirements. 
The 5-level FCC phase leg, illustrated in Figure 7.8, is significantly more compact than the 8-level FCC depicted in Chapter 6. This design includes only eight power modules, thereby reducing the number of gate drivers and APS required. Four stages of flying capacitors, decoupling capacitors, and voltage sensors are centrally positioned, similar to the 8-level layout. The reduced component count leads to easier maintenance and higher reliability due to fewer points of failure. 



[bookmark: _Toc194913513][bookmark: _Toc198802649]Table 7‑4 Comparison of decoupling capacitors in 8-level and 5-level FCC systems.
	Converter
	8-level FCC
	5-level FCC

	Part number
	WIMA FKP1Y031007J00KSSD
	TDK
B58035U9754M062

	Material
	Polypropylene (PP)
	Ceramic

	Capacitance
	0.1uF 10%
	0.75uF 20%

	Voltage
	6 kV
	900 V

	Current
	3 A at 5 kHz
	4.5 A at 5 kHz

	Capacitors in series for 24 kV
	5
	30

	Overall size
	25cmx4cmx10cm
	25cmx4cmx5cm

	Single capacitor ESL
	30 nH
	3 nH

	Total ESL
	150 nH
	45 nH
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[bookmark: _Toc198285689][bookmark: _Toc198802764]Figure 7.7. 5-level FCC decoupling capacitor before potting and after potting.
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[bookmark: _Toc198802765]Figure 7.8. 5-level FCC phase leg for 1 MW converter (24 kV dc link, 13.8 kV line-line ac).
Figure 7.9 illustrates the complete experimental setup. On the left side, the phase leg input is connected to the DC link capacitor, while on the right side, the output is linked to the RC loads. Positioned centrally within the setup, the oscilloscope is placed at a distance of 0.5 m from the high-voltage power stage to minimize interference. The controller is located in the far back corner, isolated from the main power components to reduce noise interference.
[bookmark: _Toc197936658][bookmark: _Toc198802472]Device overvoltage protection
The device overvoltage protection (OVP) calculates the voltage difference between adjacent stages from flying capacitor voltage sensor measurements. To evaluate the performance, feedback signals from four stages of flying capacitor voltage were continuously monitored by an oscilloscope.
However, during testing, an unexpected issue arose: the OVP was triggered prematurely at a DC voltage of 12 kV, despite the threshold set at 16 kV. As illustrated in Figure 7.10, all feedback signals experienced significant interference, which led to incorrect triggering of the OVP. 
In addition to the compromised feedback signals, the gate signals for the first-stage power modules, D4 and D5, were also affected. This indicates a broader issue, possibly stemming from EMI, ground loops, or noise coupling between different system components. The disruption of gate signals can have severe consequences of improper switching behavior and even device failure. Given these observations, a thorough investigation is necessary to identify the root cause of the interference and premature OVP activation.
Despite the measures implemented in chapter 6 to enhance the shielding of the controller cabinet in 8-level flying capacitor converter (FCC), these issues persisted in the 5-level FCC. This is likely due to higher dv/dt values since each device operates at 3 kV when the DC link voltage is 12 kV in 5-level FCC, compared to 1.5 kV in 8-level FCC.
[bookmark: _Toc197936659][bookmark: _Toc198802473]Voltage sensor
To improve the accuracy of the flying capacitor (FC) voltage sensors, several modifications were implemented in the sensor design.
One of the key adjustments is to increase the RC filter capacitor. Initially, the capacitance was increased from 47 pF to 680 pF, and later further increased to 2.2 nF to improve noise filtering. Additionally, the impedance of the voltage sensor divider for the first stage was reduced from 10MΩ/10kΩ to 5MΩ/5kΩ in an effort to mitigate voltage spikes induced by CM current. 
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[bookmark: _Toc198285691][bookmark: _Toc198802766]Figure 7.9. 5-level FCC test setup.
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[bookmark: _Toc198285692][bookmark: _Toc198802767]Figure 7.10. Voltage sensor feedback signal D0-D3 all interrupted.

However, it introduced an unintended consequence: the reduced impedance slowed down the voltage balancing process during start up. This occurred because the impedance of the voltage sensor divider became comparable to that of the precharge resistors, thereby interfering with the
expected voltage distribution. To resolve this issue, the impedance values of the voltage sensor divider were ultimately reverted to their original configuration (10MΩ/10kΩ).
Beyond component-level modifications, multiple adjustments were made to the physical placement of the voltage sensor to minimize noise interference. Initially, the sensor was relocated from the decoupling capacitor board to the top of the FC capacitor to reduce the impact of a nearby dv/dt node, which was suspected of introducing unwanted interference. However, noise-related issues persisted. Further analysis indicated that the large pulse current flowing through the FC capacitor was likely contributing to the problem. Consequently, the sensor was repositioned once again—this time, back to the top of the decoupling capacitor board but placed to maintain a safe distance from both the dv/dt nodes and the di/dt effects of the FC capacitor. This final adjustment led to a significant reduction in noise, improving measurement accuracy.
To further enhance shielding and minimize EMI, additional precautions were taken. Specifically, the controller cabinet door was fully closed to ensure proper enclosure shielding, preventing external noise from affecting the sensitive control circuitry. With these combined improvements, the system demonstrated substantial stability, allowing the converter to be successfully tested up to a DC link voltage of 14 kV without inadvertently triggering OVP.
[bookmark: _Toc197936660][bookmark: _Toc198802474]Device drain source voltage
The OVP of the 4th stage device was falsely triggered when the DC voltage ranged from 16 kV to 18 kV. To verify if this was a genuine overvoltage issue, we employed a differential probe to measure the drain-source voltage of the device at the 4th stage. Initially, the device's drain-source voltage is governed by the precharge resistors, with the upper and lower devices at the same stage each bearing half of the operating voltage at 1.5 kV. Upon activation of the gate signal, the drain-source voltage transitions to the full operating voltage as the load current circulates through the device, charging and discharging the flying capacitors. As indicated in the measurements, the maximum voltage is 3.28 kV, no overvoltage beyond the threshold 3.9 kV (130% of rated voltage) was detected at 12 kV dc link voltage as shown in Figure 7.11.
[bookmark: _Toc197936661][bookmark: _Toc198802475]Flying capacitor voltage 
To investigate whether the flying capacitor (FC) voltage ripple was responsible for triggering the OVP mechanism, measurements of the FC voltage at the third stage were obtained. The fourth stage was excluded from the measurements, as it remains stable in parallel with the DC link voltage and is therefore unlikely to contribute to the issue.
As illustrated in Figure 7.12, the measured FC voltage ripple at the third stage was 160 V. This ripple consists of both a low-frequency 60 Hz component and a high-frequency component from device switching events. Given that the operating voltage at this stage is 7.5 kV, the observed ripple accounts for 2% of the total voltage. Since the OVP threshold is set at 130% of the nominal voltage, it is unlikely that this level of ripple could have triggered a genuine overvoltage event. Suspecting that EMI may have disrupted the sensing or control signals, the gate signals of the power devices were analyzed. 
[bookmark: _Toc198802476]Gate signal spikes
During the investigation, random voltage spikes were observed in the gate signals, as shown in Figure 7.13. Given that the controller already incorporates a minimum PWM signal bypass 
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[bookmark: _Ref194916167][bookmark: _Toc198285693][bookmark: _Toc198802768]Figure 7.11. Waveforms in a 5-level FCC at 12 kV dc link voltage illustrating the transition from voltage balancing stage to gate signal activation. 
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[bookmark: _Toc198285694][bookmark: _Toc198802769]Figure 7.12. 3rd stage flying capacitor voltage ripple at 10 kV dc link voltage.
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[bookmark: _Ref194916182][bookmark: _Toc198285695][bookmark: _Toc198802770]Figure 7.13. Gate PWM signal spikes at 20 kV dc voltage. 


function to filter out unintended transients, these voltage spikes are likely attributable to noise rather than actual switching anomalies.
Considering the potential impact of EMI on signal integrity, multiple mitigation strategies were explored, and the corresponding observations were documented. As a first step, the converter’s sidewalls were grounded. Subsequently, the APS input ground was connected to the cabinet ground to shorten the CM current path. By providing a more direct route for these currents, noise circulating within the system was minimized.
The same uninterruptible power supply (UPS) was then used for both the oscilloscope and the controller to ensure operation under identical electrical conditions, thereby reducing the likelihood of induced noise. Additionally, the controller was relocated farther from the converter to mitigate inductive and capacitive coupling effects between the converter and the controller.
Through the implementation of these methods, the noise issue was effectively mitigated. As shown in Figure 7.14, the gate signals became much cleaner, exhibiting no observable spikes, thus validating the effectiveness of the mitigation strategies. The DC-link voltage was subsequently increased to 22 kV without encountering premature OVP activation or gate signal anomalies
At DC voltages exceeding 22 kV, OVP for the third-stage device was unexpectedly triggered. Further investigation revealed that the second-stage voltage sensor output was severely disrupted, remaining constantly high. This indicated signal corruption caused by EMI.
To address this problem, the sensor’s RC filter capacitance was increased from 2.2 nF to 4.7 nF to improve noise filtering. However, this adjustment did not resolve the issue. 
As shown in Figure 7.15, shielding is achieved by wrapping copper foil around the voltage sensor power supply and ICs, which is then grounded to the voltage sensor ground. This proved highly effective in mitigating interference, stabilizing the sensor’s output, and preventing false OVP activation.
 Following the resolution of the interference problem, the converter was operated at its full DC link voltage of 24 kV. Under these conditions, the system reached a maximum AC load current of 50 A, a peak AC voltage of 10.86 kV, and delivered a total apparent power of 271.5 kVA, as shown in Figure 7.16. Under these conditions, the output staircase voltage demonstrated voltage balancing across all four stages of flying capacitors. Furthermore, the output current displayed a sinusoidal waveform, with minimal distortion, which validates the
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[bookmark: _Ref194916195][bookmark: _Toc198285696][bookmark: _Toc198802771]Figure 7.14. Gate PWM signals are clean at 22 kV after measures implemented.
.
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[bookmark: _Ref196557501][bookmark: _Toc198285697][bookmark: _Toc198802772]Figure 7.15. 2nd stage voltage sensor is shielded.
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[bookmark: _Toc198802773]Figure 7.16. Waveforms at 24 kV dc link voltage from top to bottom: output PWM voltage (5kV/div), DC+ voltage (5kV/div), DC- voltage (5kV/div), output current (50A/div).

inductor design. These results demonstrate the effectiveness of the converter design in terms of component selection, switching loop optimization, insulation design and EMI resilience
[bookmark: _Toc197936663][bookmark: _Toc198802477]Summary
This chapter discussed significant advances in the development of a new power module and its implementation in a 5-level 1 MW FCC converter.
· At the converter level, a new small-profile ceramic decoupling capacitor was introduced to reduce both the physical size and loop inductance. 
· Investigated the cause of OVP mis-triggering by measuring the device drain source voltage and flying capacitor ripple voltage, which are within protection limit. Resolved OVP mis-triggering caused by EMI via sensor repositioning, shielding and increased input filter capacitance. Eliminated gate signal spikes caused by EMI via shielding and separating the power and control cabinets.
· Validated insulation and system operation through full converter testing at DC voltage 24 kV, AC maximum current 50 A. 
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[bookmark: _Toc197936665][bookmark: _Toc198802479]Summary
In the preceding chapters, the application of 10 kV SiC MOSFETs in a 13.8 kV multilevel converter was investigated, with particular focus on insulation design, EMI resilience, thermal management, and comprehensive converter-level testing.
Chapter 3 explores the influence of magnetic core geometry on the reduction of interwinding capacitance, providing practical design guidelines aimed at mitigating interference induced by CM currents. A series LLC-based APS is designed with optimized insulation to enhance high-voltage isolation performance. The impact of output fault conditions is examined by analyzing voltage deviation when one of the four APS outputs fails, and corresponding protection strategies are evaluated for both the primary and secondary sides. For the flybuck APS topology, startup instability and erroneous shutdowns encountered during converter operation are also addressed.
Chapter 4 presents the thermal characterization of a 10 kV SiC power module across a range of operating temperatures. TSEPs are extracted from turn-on transients and conduction phases. It is observed that turn-off characteristics are largely temperature-independent and therefore unsuitable as TSEPs. The influence of gate resistance, load current, and parasitic elements on the accuracy of TSEP measurements is analyzed to enable reliable calibration under different test conditions. Based on the identified TSEPs, an over-temperature protection circuit is proposed, utilizing turn-on di/dt as the sensing parameter.
Chapter 5 addresses the thermal management strategies of the converter. For liquid cooling, factors such as coolant type, flow rate, thermal performance, and cold plate connection are considered. For air cooling, attention is given to maintaining adequate clearance and creepage distances to prevent electrical breakdown, and several air duct configurations are evaluated to ensure uniform airflow distribution. Both cooling approaches are validated through continuous power testing of an individual power module.
Chapter 6 details the design and integration of the power stage, including key passive components, sensors, and the mechanical layout of the FCC converter. In addition, the chapter outlines the converter testing procedures with respect to insulation integrity, protection mechanisms, and full-power operational validation.
Chapter 7 focuses on troubleshooting and resolving the OVP mis-triggering issue. Through a combination of sensor repositioning, improved shielding, and increased input filter capacitance, the false triggering was effectively eliminated. Furthermore, gate signal disturbances were mitigated through enhanced shielding of both the power converter and the control cabinet. As a result, the converter achieved its full-rated performance of 24 kV and 50 A.
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This dissertation presents several original contributions to the field of MV power converter design, specifically in the areas of APS protection, TSEP selection, thermal management, testing procedure, and decoupling capacitor selection of MV systems. The key contributions are summarized as follows:
Development of a series LLC-based APS with integrated secondary-side protection capable of isolating both output open-circuit and short-circuit faults. This design enhances the robustness and reliability of the power supply under fault conditions.
Extraction and evaluation of TSEPs from a 10 kV SiC MOSFET power module, including a detailed analysis of temperature sensitivity, linearity, and the influence of gate resistance, load current, and parasitic parameters. This contributes to more accurate device monitoring and thermal diagnostics.
Design and implementation of an over-temperature protection circuit that operates without the need for a microcontroller, relying instead on preset undervoltage threshold. This approach simplifies the hardware while maintaining effective thermal protection.
Developed a comprehensive testing procedure encompassing component-level validation, static voltage testing of the converter, protection function verification, and full power testing
Implemented high-voltage multilayer ceramic capacitors (MLCCs) in place of traditional film capacitors, effectively reducing the converter’s size and loop inductance. The insulation performance was further enhanced by encapsulating the decoupling capacitors with silicone gel.
Development of a fully functional FCC converter demonstrating high insulation performance and EMI resilience under challenging operation conditions of 24 kV dc voltage and 100 V/ns dv/dt. The converter design integrates optimized insulation structures, effective shielding, and robust testing to meet high-voltage operational requirements.
[bookmark: _Toc197936667][bookmark: _Toc198802481]Future Work
Several potential directions for future research emerge from the findings of this dissertation:
· Integration with Isolated Gate Driver ICs: In the current design, a non-isolated gate driver IC is employed, requiring the APS to withstand the full insulation voltage. By integrating the APS with an isolated gate driver IC, the insulation requirement on the APS can be significantly reduced, enabling a more compact design. Additionally, this integration would increase the design margin for interwinding capacitance, because the total common-mode (CM) loop capacitance would be reduced due to the series connection with the gate driver’s isolation capacitance.
· Monolithic Integration of APS and Gate Driver: With continued advancements in power electronics packaging technologies, future designs could integrate the APS and gate driver into a single package. This would not only reduce the overall component count but also improve system reliability and simplify mechanical integration.
· CM Propagation in Multilevel Converters: In multilevel converter architectures where multiple APS units share a common input power source, the CM current propagation paths become more complex. A detailed analysis of CM noise propagation under such conditions would help in understanding its impact on secondary-side circuits including gate drivers, APS units, and signal sensors.
· TSEP Behavior in Multi-Die Power Modules: In this work, TSEP extraction is performed on a power module with six SiC dies connected in parallel. However, it remains unclear how the number of parallel dies influences the linearity and sensitivity of TSEP behavior. Further investigation is needed to understand the role of thermal coupling between dies and its effect on the reliability and accuracy of TSEP-based temperature monitoring.
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